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ABSTRACT 
Damage to the thin-walled cylindrical shells is addressed in this dissertation 
with reference to the possible collision of supply ships with the main legs of 
fixed or floating types of offshore platforms. Towards this end experimental 
and analytical investigation are carried out to give insight to the mechanics of 
the cylinder to withstand the impact force induced during the collision. The 
subsequent residual load carrying strength and the fatigue integrity of the 
damaged shell when subjected to external loading are also considered. 
The research investigation presented is divided into three phases. Firstly, 
localised damage are introduced to some of the test models, mostly through a 
knife edge indenter representing an idealised side-edge impact of a ship. A 
theoretical formulation based on a rigid plastic mechanism approach has been 
developed which provide a close correlation with the observed relationship 
between the residual dent depth and the corresponding impact load, from the 
tests on the unstiffened models. The application of this method to 
ring-stiffened models is also examined. Numerical simulation of the denting 
test, by using finite element method, are also carried out by using a 
commercial finite element programme. 
Some of the dented models are subsequently tested under combinations of axial 
loading and external pressure for the investigation of the collapse behaviour 
of the damaged shells. Undamaged shells are also tested in order to 
complement the experimental observations by providing a basis of comparison 
for the damage induced strength reduction. Numerical analysis of the intact 
model are performed with the incorporation of the initial imperfection in the 
test models. For the damaged shells, the effect of residual stresses due to 
denting is also examined. Together with the experimental observations, the 
effect of the localised damage in the load carrying capacity of cylindrical 
shells has been examined. 
The final phase of the investigation examines the likelihood of fatigue 
cracking when the damaged cylinders are subjected to cyclic loading. 
Experiments are carr ied out on damaged shells, retrieved from the denting 
tests. Based on the correlation of strain-gauge data obtained during the test 
and the results from numerical analysis, the major factors responsible for the 
fatigue crackings on the test models have been identified. 
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NOTATIONS 
Amn, Bmn Fourier coefficients 
D shell diameter 
E Young's modulus 
F axial compressive load 
Ft denting loads 
L shell length 
Lu, LS, Lp lengths of plastic mechanism 
Ma, Mc plastic moment 
MP full plastic moment 
Nf number of load cycles 
R shell radius 
S arc length 
wo initial imperfection 
m, n mode numbers 
p external pressure 
t shell thickness 
u, t, uY, uz displacements 
x, y, z directions of Cartesian coordinate system 
ß stress 
ßo yield stress in tension 
ßoc yield stress in compression 
c strain 
Poisson's ratio 
a, 8 angles of rotation 
Oi, Ar dent depths 
06 stress range 
Other symbols will be defined as they appear. 
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CHAPTER 1 
INTRODUCTION 
1.1 Introduction 
Offshore structures are exposed not only to the extreme conditions of the 
environment such as wave slam and ice impact but also to accidental events 
which may involve astonishing bad weather, ship collision, impact by massive 
falling objects from platform decks, earthquakes, fire and explosions etc. 
Among these accidents, ship collision have been highlighted to be the most 
significant cause of damage or even total loss of offshore installations 
accounting for more than 15% of world wide offshore accidents [refs 1- 3]. 
Although the consequences of most of the offshore collisions have been minor 
to date, this type of event is of a serious character which will endanger human 
life and cause vast financial losses. 
As far as the risk of collision is concerned, the marine traffic may be divided 
into three categories: 
i) Vessels authorised to approach the installations 
ii) Tankers for offshore loading nearby 
iii) Ships on passage and fishing vessels 
Designing a platform to withstand a major collision by huge vessels such as oil 
tankers and remain operational, even if it is proved to be technically feasible, 
would result in excessive dimension and be extremely uneconomical. Instead, 
several precautionary measures should be taken so that the probability of 
occurrence of such event can be reduced to a very low level. On the other 
hand the risk of collision with supply vessels which have to approach the 
platform is inevitable and occurs quite frequently. A study of offshore rig 
accidents commissioned by the U. K. Department of Energy which had recorded 
the tonnages of 36 vessels from 43 collisions between ship and installations in 
the North Sea during the period 1974 - 76 [refs 4- 6]. About half of the cases 
concerned was caused by impact of supply vessels from 500 to 1000 tones. A 
recent accident on the Leman 49/27 H satellite well-head platform was caused 
by the impact of a stray supply vessel running at some 13 knots. The platform 
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remained stable although severe damage was caused to the structural steel 
jacket [ref. 7]. In most cases, minor collisions due to marine vehicles of this 
type is quite unlikely to cause major structural failure. 
Generally, the event "collision" is characterised by both the probability of 
occurrence and the inherent consequences of the impact which must be 
regarded in conjunction. Major collisions endangering human life, structures 
and environment must have a low probability. Bearing in mind that repair at 
sea is very expensive and even in many cases, immediate repair is impossible 
due to technical reasons, minor collisions occurring frequently must 
therefore have small consequences. 
The probability of collision in offshore environment have been investigated 
by many researchers and prediction methods have been proposed. Results can 
be achieved either by statistical analysis of existing information on historical 
cases of collision [refs 4-6,8 - 9] or by simulation methods taking into account 
vessels course, manoeuvrability, speed and wind direction etc [refs 10 - 15]. 
Discrepancies on the probability of collision are experienced in these 
investigations, but in general, the risk of ship collision with offshore 
installations particularly in the North Sea area is found to be at a level well 
above most acceptable criteria. 
It is important to realise that the probability as well as the consequences of 
collision are affected by several factors such as traffic monitoring, 
navigational aids, field layout, platform topology, design of fenders or other 
defensive systems, size and manoeuvrability of the vessels, and mooring 
equipments etc. It is a very important role of relevant government bodies and 
classification societies to assess and put forward regulations to reduce the 
probability of occurrence. On the other hand, to prevent any catastrophic 
accidents happening due to the inevitable potential risk of collision, and to 
ensure platform safety while at the same time avoiding unnecessary and very 
costly repairs, it is equally important to be able to assess quickly and 
accurately the consequences and effects on structural strength after the 
occurrence of collision. 
A hollow cylindrical shell is the most widely used type of structural 
components in offshore industry due to its good efficiency of load carrying 
capacity and a wide range of this type of members can be found in offshore 
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installations. 
Long tubulars with relatively thick shell wall are frequently used as bracing 
members to provide secondary stability of the structure while thin-walled 
cylinders, which are usually stiffened, have been used widely as main support 
legs of fixed platforms and columns in floating rigs. During the occurrence of 
a ship collision, a number of these cylindrical members are vulnerable to 
impact damage and will deteriorate the safety of the structure substantially. 
To this end, the present dissertation has examined the behaviour of cylindrical 
members under impact loading and their subsequent behaviour when 
subjected to different types of loading combinations including cyclic 
condition. Experiments on small scale models with geometrical configurations 
including unstiffened and ring-stiffened shells have been carried out. 
Analytical studies using plastic mechanism and numerical methods have been 
conducted and guidance for damage assessment are also suggested. 
1.2 Layout of the Thesis 
A general review of relevant work performed to date on the subject of 
structural damage in ship-platform collisions is presented in Chapter 2. The 
complexity of the problems concerned and the deficiencies of information on 
areas of this subject are also discussed in the Chapter. 
The experimental programme carried out using small scale models is presented 
in Chapter 3. Experimental results of these models during the denting tests are 
also discussed in that Chapter. 
Chapter 4 presents the development of a plastic mechanism model relating the 
impact load with the residual dent depth of unstiffened cylinders. The 
applicability of the method on ring-stiffened shells is also discussed. The 
denting tests for these models are also investigated using the finite element 
method. The correlation between experimental and analytical results are 
presented in this Chapter. 
The collapse tests carried out on small scale models, with or without damage, 
subjected to various combination of loading is presented in Chapter 5. 
Experimental equipment and procedures as well as test results are described. 
14 
A general study of the ultimate strength of the models without damage using 
available methods, is presented in Chapter 6, which will provide a basis for the 
estimation of strength knock-down factors of the models tested due to the 
presence of localised damage. The application of the finite element method to 
study the residual strength of damaged cylindrical shells when subjected to 
various type of loading conditions is also investigated in this Chapter. The 
analytical results are compared with experimental data and based on the 
observations of this study, the mechanisms for causing strength reduction are 
investigated. 
In Chapter 7, the stress distribution in damaged shells are of major concern. 
The possibility of fatigue cracking of these shells is investigated by carrying 
out small scale cyclic loading tests. 
The analytical investigation, with the aid of the finite element method, of the 
fatigue characteristics of damaged cylindrical shells is presented in Chapter 8. 
Experimental and analytical results correlation and techniques for fatigue 
integrity assessment of damaged shells are discussed at the end of this Chapter. 
Chapter 9 summarises the main conclusions of the thesis and suggestions are 
made on areas where specific attention for future works are required. 
15 
CHAPTER 2 
LITERATURE REVIEW 
2.1 Introduction 
The subject in damage of offshore structures due to ship collision has aroused 
the interest of many researchers and engineers during the last fiftee n years 
and a substantial amount of knowledge has been built up. The first part of this 
Chapter discusses the general approach of investigating the problem and the 
corresponding assumptions made. Since ships play a important role in the 
collision scenario, the behaviour of ships during the impact is also briefly 
covered, followed by an discussion of the overall response of the platform 
during the collision process. 
In the second part of this Chapter, research carried out on the behaviour of 
tubulars and cylindrical shells during collision and their subsequent load 
carrying capacity is reviewed in more detail. A brief review of the behaviour 
of intact cylindrical shells which is essential to understanding and 
quantifying the effects of damage, is also given. Throughout this review, 
areas where little information existed have been identified especially on the 
stress distribution of damaged shells. The investigation of which constitutes a 
substantial proportion of this dissertation. 
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2.2 General Impact Mechanics in Ship-Platform Collision 
During the occurrence of collision between a marine vehicle and an offshore 
installation, the kinetic energy of the striking vessel may be dissipated by 
various energy absorption processes. It is therefore a general approach to 
investigate initially the possible extent of energy involved, followed by an 
examination of the various energy absorption processes which will occur 
during the impact. The energy dissipation capability of each of these 
processes and the weakening effects induced on the structure must also be 
studied in a detailed manner before any assessment on the safety of the 
damaged platform can be carried out and particularly when a code of practice 
for design against collision is to be formulated. 
The kinetic energy of the ship striking a platform is determined by: 
E=0.5(m+a)V2 (2.1) 
where V is the impact velocity of the ship, m is the mass and a is the 
hydrodynamic added mass. 
The value for the added mass of a ship is equal to 0.4 m for board side collisions 
and 0.1 m for bow and stern collisions. The magnitudes of the energy involved 
are 14 MJ and 11 MJ for these two cases of collision as specified in DnV 
technical notes [refs 16 - 17]. Such quantities correspond to a supply vessel of 
5000 tonnes displacement, which is the estimated size of future supply ships, 
with an impact velocity of 2 m/sec. This assumes that the ship is suffering 
from engine trouble with rudder locked, drifting against the platform at a 
wave height of 4 meter, above which operation of supply vessels in the North 
Sea area should be abandoned. 
The striking energy of the ship is dissipated by four major processes: 
i) By vessel rotation / rebound and global sway of the installation. 
ii) By deforming the platform fender. 
iii) By deforming the impact vessel. 
iv) By deforming the installation's structure. 
The energy dissipation of each of these processes are actually very complex on 
its own, but each one is interrelated to the other. Assumptions therefore have 
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to be made to simplify the situation. Generally, the energy absorption by 
process (i) can be conservatively neglected by assuming the worst case of a 
central impact with a platform that is fixed in the direction of impact. Based 
on this assumption, Furnes et al [ref. 12] inferred an estimation of 
load-deflection curves for the remaining three processes above as shown in 
Fig. 2.1. The area under each curve represents the absorbed energy for a 
given load level. When equated to the kinetic energy, E, of the striking vessel 
the level of damage will exist on the structures can be evaluated, 
E= AQ + Af + As (2.2) 
where A p) Af and AS denotes the deformation energy of the three processes. 
In fact, it is rather complex to establish these curves initially and very 
difficult to find analytical formulae for the force and durations of impact for 
general load curves. 
With regard to the design of unfendered structures, the energy absorption by 
process (ii) can also be neglected and attention have been concentrated on the 
last two processes. Furthermore, because of the complex inter-relationship 
between these two processes involved, the energy absorption capacity of the 
ship and the platform structure are usually considered in isolation. In each 
case, it is assumed that the structure (vessel or platform) in question is struck 
by a concentrated force during the incident, so that deformation is limited to 
the structure, and the striking object is assumed rigid and intact both before 
and after collision. Once the load-deflection curve of each individual process 
is obtained, the levels of damage to the two colliding bodies, or the energy 
which can be absorbed with a prescribed level of damage, can be evaluated. 
Finally, the impact velocity of the striking object even in the case of falling 
objects from platform is generally assumed to be slow enough that the 
dynamic effects can be ignored. The impact forces are therefore assumed to 
act quasi-statically on the structures. 
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2.3 Impact Deformation of Ships 
Knowledge of the deformation behaviour of ships in collision process is 
fundamental for a proper prediction of the total impact force, the distribution 
of the force and the contact area between the ship and platform. 
Early studies on collision damage to ships were mostly in connection with the 
protection of reactors in nuclear-powered ships. Minorsky [ref. 18] during 
the late 50's pioneered this type of work and developed an empirical 
correlation between the volume of the damaged material and the amount of 
energy absorbed, based on investigations of a number of real collisions. 
Membrane resistance of the shell plating of the ship has not been considered 
in the analysis and the formula although widely used, is found to be unreliable 
for minor impacts. 
This simple formula was later verified by experiments that carried out by 
Woisin [ref. 19] with a modification of the linear relationship made to take into 
account the membrane effects. 
Consistence with these two methods, Wierzbicki et al [ref. 20] employed a 
moving plastic hinge analysis method for evaluating the mean crushing force 
of ship bow, applicable to major as well as minor collisions. The force was 
shown to be proportional to the cross-section area of the structure, at the point 
of interest, multiplied by a factor depending on the ratio of an average flange 
width to thickness. Very good correlation was obtained with results of scale 
model experiments on bow collisions. 
Jones [refs 21 - 23] examined the plastic behaviour of rectangular plates and 
beams by using relatively simple theoretical methods to estimate the 
damage 
suffered by the plating of ships and marine vehicles when subjected to 
occasional lateral loads such as slamming, collision, ice and wave 
impact etc. A 
very extensive investigation on structural aspects of ship collision 
had also 
been published [ref. 24]. 
For a head-on impact with resistance barrier, such as a bridge pier or a 
platform tower, it is likely that the ship's bulbous bow will suffer the greater 
part of the distortion. The collision behaviour of the bulbous bow was studied 
by Amdahl et al [ref. 25] by using a ring-stiffened cylindrical shell model to 
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resemble the structural configuration of the ship's bulb. A theoretical 
solution for thin shells based on kinematic methods of plasticity were 
presented. More complex and realistic stiffened bow and stern models were 
tested at a later stage [refs 26 - 271. A general methodology was developed to 
assess the average crushing load for a composite structure applicable to the 
bow and stern of a supply vessel with the structures reduced to an assembly of 
basic elements. The contributions to the internal energy dissipation for each 
element were summed and equated to the work done by the external load over a 
specific distance. The interaction between a bracing member and an 
ice-strengthened stern during a collision was also investigated, with a design 
curve enveloping various impact situations proposed. 
During the analysis of ship/ship collisions, Valsgard and Pettersen [ref. 28] 
presented a method capable of identifying the damage to the striking bow and 
the struck ship side, to predict the collision force and to determine the 
associated energies absorbed by the colliding ship. The stiffness of the 
striking bow was represented as a set of nonlinear springs evaluated using a 
semi-empirical approach and the struck ship side was simulated by simplified 
nonlinear finite element procedure. Critical speed values were estimated for 
various levels of indentations and sizes of striking ships. 
Also using the finite element method, Koehler [ref. 29] presented a method for 
assessing the safe speed of ships navigating in Arctic and sub-Arctic waters 
where ship/ice impact consti tute a major hazard for ice-strengthened ships. 
Nonlinear superelements were used to model part of the ship structure and 
using a number of nonlinear springs and associated stiffnesses to simulate the 
geometrical shape of the ice feature. Force indentatio n curves for transverse 
and longitudinal indentations of the ship hull structure and the critical speed 
for the ship under investigati on were also presented. 
The present literature study on the impact deformation of ships' structures is 
not intend to give a complete investigation in this particular area and further 
information is contained in the references cited above. It is the aim here 
merely to provide an outline picture of the effects offshore installations will 
suffer during the occurrence of a collision. 
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2.4 Impact Deformation of Platforms 
During the occurrence of a collision, the steel 
installation will absorb the energy in different 
construction of the structure and the nature of 
categorised as follows: 
structure of an 
ways, depending 
impact. These 
offshore 
on the 
can be 
i Local damage to the bracing/leg In many cases, a head-on collision 
will presumably give a more concentrated impact force than a side 
collision. Local deformation on the surface of the member will 
therefore dominate the deformation behaviour. 
ii) Global deformation of bracing/leg - For members with low D/t ratio 
and long chord length, bending of the member will become more 
predominant than local deformation during collision. This is 
particularly the case for bracing members because they are usually 
unstiffened. Generally, this global deformation of the member will be 
accompanied by local damage at the early stage of the impact. 
iii) Local deformation of the frame - In the case of extreme impact, the 
brace will exert large tensile end forces on the adjoining framework. 
In a K-braced frame, this means that if one diagonal brace is struck, the 
adjacent diagonal will fail by column buckling. In a X-braced frame, 
this can lead to the loss of the entire X or permanent distortion of the 
adjacent assembly. Impact energy is therefore mainly absorbed by 
stretching of the struck brace and secondary deformation work of the 
adjoining member. The rest of the platform remains intact. 
iv) Global deformation of platform - During an assumed worst case of 
central impact, the impact energy has to be absorbed by the colliding 
bodies. In addition to the displacement of the elements in direct contact 
with the impacting body and the surrounding elements, the structure 
will also deflect globally like a girder. The amount of energy absorbed 
in global bending in most cases will be small compared to local 
deformation if a flexible bracing is hit. However, the global 
contributions may be significant if a locally stiff side column or a major 
node of the structure is subjected to impact. 
Basically, it is very difficult, if not impossible, to give a general formula 
for 
predicting how the energy will be distributed in the platform due to the 
complex variety of all possible situations of collision. When either the 
bracing 
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and the leg may be hit by the bow and stem of the vessel, the contact zone will 
be limited and the effect on the structure may be simulated by a concentrated 
load. If the ship drifts sideway onto the platform, the contact zone may spread 
along the entire height of the ship side. Also, the interrelation between each 
mode of deformation is complex and the transition from one mode to another 
will depend very much on the geometries of the structure members and the 
platform design. 
The last two modes of platform deformation categorised above will be likely to 
occur during a major collision and must be avoided by collision avoidance 
measures. Therefore special attention should be paid to the first two modes 
which may happen quite frequently due to minor collisions. Furthermore, due 
to the difference in geometrical design between bracing members and main 
leg members, their deformation behaviour will be discussed separately in the 
following sections. 
2.5 Impact Deformation of Bracing Members 
So far, studies on the energy absorption capability of offshore structure load 
bearing components have been concentrated mostly on tubular members 
which are used extensively on fixed platforms. 
The geometries for tubular bracing members are of the ranges: 
10 < R/t < 30 , 20 < LIR < 60 
Minor impact of these members in the transverse direction will result in local 
denting or bending. The transition between these two modes will mainly 
depend on the chord length. 
Early studies on cylindrical shells subjected to concentrated forces were 
mainly concerned with small deflections and to situations in which the shells 
deformed elastically [refs 30 - 331. In the case of a marine collision, 
cylindrical members are mostly deformed beyond the elastic range, at least at 
the point of contact, which means that the elastic approach to analysis 
is 
generally not valid and plastic analysis methods therefore have to 
be 
employed. 
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An experimental investigation by Thomas et al [ref. 34] on large deformations 
of circular tubes under transverse loading, for designing devices to dissipate 
kinetic energy during car crash, pioneered some important findings which 
give a very solid background for later researchers in similar areas. Three 
deformation phases, as shown in Fig. 2.2, had been identified when simple 
supported tubes were subjected to concentrated load applied through a rigid 
steel wedge: 
i) Pure crumpling - Where initial local denting of the surface under the 
loading point was observed. 
ii) Bending and crumpling - Where the applied load was increased up to a 
certain level that the tube started to bend between the supports together 
with further crumpling at the top surface. 
iii) Structural collapse - Where the maximum load had been reached and 
the tube deformed like a mechanism under the loading point. 
The interface between each phase would depend on the material properties of 
the tube, the Rl t ratio and span length in between the supports. The deformed 
tubes remained mostly elastic except in regions close to the loading point and 
the tube surface was found to be deflected exponentially along the length 
following the relationship shown below : 
S= Fo exp 
Rr) (2.3) 
where b=1.3 for the D/t ratios of the tubes tested as shown in Fig. 2.3. 
The circumferential profile of the tube at the loading section, assuming 
inextensional deformation, was also inferred and was found to agree well with 
the experimental observation [ref. 35], see Fig. 2.4. 
Since minor impact between marine vehicles with offshore installations, is of 
primary interest in this thesis, which in most cases are unlikely to cause 
structural collapse of the struck bracing member, the first two phases of 
deformation described above are particularly considered in more detail in the 
following sections. In most of the publications reviewed, these two phases of 
deformation are usually reported in conjunction. For the sake of clarity, they 
will be summarised separately, some overlapping of works discussed will 
therefore be experienced. In addition, the damage on the tubes reported 
in 
these references are mostly generated by lateral load applied through V-shape 
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wedge indenter except where otherwise specified. 
2.5.1 Local Denting of Tubular Members 
Investigations have been carried out with relation to the load-deficction 
relationship for tubular members suffering from local denting (without 
bending) under the action of lateral load. A number of researchers have 
looked at the problem with experimental and analytical works reported in 
publications. 
A series of test have been performed by Morris [ref. 36] on thin cylinders 
loaded by two equal and opposite forces acting radially inward across the 
diameter of the shell applied through two rigid bosses. Both free and 
constrained end conditions were investigated. The shells were loaded to large 
deformations in order to check the possible appearance of any snapping 
action observed by Leckie and Penny [ref. 37] during their experimental 
studies on point loaded spherical shells. No sign of any snap-through was 
observed and the presence of strong elastic-plastic interaction was 
experienced which was strongly influenced by the end conditions. Once the 
shell materials close to the bosses had entered the plastic regime, the 
load-deflection behaviour of the cylinder was dictated by the plastic rather 
than the elastic region of the shell. An upper-bound plastic mechanism 
analytical approach was also developed which comprised two hinge polygons 
with sides parallel to each other [ref. 38]. The optimum shapes for the inner 
and outer hinge polygons were obtained by a trial-and-error process with the 
deformed shell at a particular loading increment regarded as a new structure 
for the next increment. The minimum upper-bound yield point load was then 
evaluated at each increment and the load-deflection relationship of the shell 
was evaluated by this step-by-step procedure. Good correlation between 
experimental and analytical results was obtained. 
In Norway, experimental and analytical investigations were carried out by 
Amdahl on small scale tubular specimens loaded laterally by a stiff 
beam-indenter simulating the scenario of a jacket structure subjected to side 
collision by a supply vessel [ref. 39]. The geometries of the tubes tested were 
in the ranges: 
15 < R/t < 25 LIR =8 and 12 
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The specimens were mounted on a stiff frame by means of four clamps at each 
end so that the tubes were restrained in the longitudinal direction. The 
deformation behaviour of the specimens were similar to those observed by 
Thomas. An upper-bound calculation procedure using kinematic theory of 
plasticity was also outlined. The deformed surface was assumed to be bounded 
by a series of yield lines as shown in Fig. 2.5 and the plastic work calculation 
included the effects of: 
i) Rotation of the surface at yield lines. 
ii) Flattening of the surface between yield lines. 
iii) Tension work in the triangles due to the elongation of generators. 
The size of the central yield line rectangle was given by the breadth of the 
indenter and the indentation depth. The height of the triangle was treated as a 
free variable and estimated by applying the principle of minimum potential 
energy. By performing a series of calculations on a particular dent depth, a 
plastic work-indentation relationship was obtained and differentiation of the 
work curve with respect to the indentation depth permitted the 
force-indentation relationship to be derived. In general, the theory outlined 
correlated the experimental load-deflection relationship fairly well. The 
proposed design curves were published and have been adopted by various 
researchers in a number of papers [refs 40 - 45]. 
Experimental results on local denting of tubulars can also be found in some 
published papers. During the investigation of residual strength of damaged 
tubulars by Smith [ref. 46], denting damage was introduced on the tube wall 
while loading being reacted on the opposite side of the indenter by a cradle. 
The cradle used was of semi-circular cross-section lined with a rubber pad in 
order to produce dents with minimum bending deformation. 
Similar to Smith's experiments, Ueda and Rashed [ref. 47] introduced localised 
denting damage on tubulars during their studies of the ultimate strength 
interaction between axial force and biaxial bending moment of damaged 
tubulars. 
No theoretical analysis of the process of denting damaged was presented in the 
above two references while on the other hand, no experimental work was 
carried out by the following researchers. 
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By assuming the total energy was dissipated through bending and that no 
membrane effects were present, De Oliveira [refs 48 - 49] simplified the 
deformed regions of the dented tubes as flat surface bounded by straight 
hinges similar to that of Amdahl. Simple equations for the energy absorption 
of the member by plastic bending of the tube surface during the local denting 
process was presented. The formulation was basically a modification of the 
ring model analysis procedure for crushing of tubes between rigid plates 
described by De Runtz et al, Redwood and Reid et al [refs 50 - 52]. The 
deformation profile of a wedge indented tubular was also derived [ref. 53] and 
was found to agree well with experimental observations reported by Smith 
[ref. 461. 
At a later stage [ref. 54], membrane effects have been taken into account with 
a new mechanism model. A local deformation field was assumed and the global 
deformation of the cylinder acting as a beam was neglected. The cylinder was 
divided into 3 regions: 
i) The deformed plasticized region bounded by two closed curved hinges. 
ii) The undeformed rigid region outside the outer hinge line where 
cross-section remains circular. 
iii) The already deformed region inside the inner hinge line. 
The concept of a moving hinge with no slope discontinuity was used and an 
isometric transformation was assumed. In addition to the bending energy 
mode due to the change of curvature during the progress of the hinges 
through the material, the region bound by the outer and the inner hinge line 
was assumed to be in a plastic state, undergoing extension in the hoop 
direction relative to the hinges. The analysis was found to overestimate the 
load by a factor of three when compared with the experimental results 
reported by Amdahl [ref. 39]. This over-estimation was attributed to the fact 
that ovalisation of the tube wall was not included. 
Alternatively, Tam et al [ref. 55] detailed a plastic bending procedure to obtain 
the load-dent depth relationship for tubulars during his investigation on the 
propagation buckling behaviour of submarine pipelines in the presence of 
local damage. Ovalisation of the tube was considered by using the cross section 
profile originated by Thomas assuming inextensional deformation, Fig. 2.4, i. e. 
the length of the circumferential perimeter was constant at all time. 
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Membrane effects was ignored and after integrating along the entire length 
of the tube, an envelop of load-deflection relationship with optimum wave 
length parameter, b, was presented as follows : 
P= Mp [al + ai (dd )A (2.4) R 
where 
al = (2 + ic)b + 7rb (ir - 2) (2.5) 
a2 = 41rb - 
37rb (ic - 2) (2.6) 
8 
Also, by using the longitudinal profile of Thomas's hypothesis, Ellinas et al 
[ref. 56] assume a rigid plastic response of the tube material, and advanced 
analytical equations to relate the lateral load, P, with the residual dent depth, 
dd, ( i. e. damage left on the tubes when the load has been removed) : 
P= KMp (D- )z (2.7) 
Ed=l00Mp (D)ý (2.8) 
where Mp is the plastic moment of resistance 
12 
Mp=46t 
and with value of K= 150. 
Good agreement with experimental results reported by Smith [ref. 46] was 
obtained by assuming the tube was fully restrained flexurally at the ends but 
free to translate longitudinally. 
So far, most of the experimental and analytical works reported has been 
carried out quasi-statically, that is the dynamic effects can be ignored. It was 
until recently that lateral dynamic impact tests were conducted on small-scale 
tubulars by Cho et al [refs 57 - 58]. The specimens were supported on rollers 
which would allow free rotation and axial movement of the ends but no lateral 
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movement. The dynamic loading was applied using a striker with various 
weights and released at different heights on a inclined runway, therefore 
achieving different impact velocities. The geometries of the specimens were 
of the ranges: 
12<R/t<20 40<LIR<74 
Difficulties in correlating the force-deformation relation with reasonable 
accuracy using any of the published theoretical models had been experienced. 
A force-indentation relationship therefore had been derived empirically 
using least-square fit of the experimental data. Both loading and unloading 
has been considered and good correlation with published test results [refs 46 - 
47] was obtained. 
2.5.2 Lateral Bending of Bracing Members 
In the initial stage of loading, a laterally loaded tube will deform locally until 
the load reaches a value at which the tube starts to deflect like a beam between 
the supports, with in most cases, further local crumpling. At this second stage 
described in Thomas's paper [refs 34 - 35], the ends of the tube are free to 
rotate and translate at the supports. When the tube continues to bend with 
increasing load, yielding is reached at the central section and the tube 
collapses like a mechanism with significant decrease in load carrying capacity 
at the final phase. 
It is well known that the post-yielding behaviour of rigid-plastic beams is 
strongly influenced by the degree of restraint provided by the supports. If 
these are perfectly rigid and if they provided total fixity, then as the beam 
suffers transverse deflection, membrane effects are induced which can 
increase the load carrying capacity significantly [ref. 59]. 
Jones [ref. 60] and Hodges [ref. 611 studied the effect of a varying degree of end 
axial restraint on the behaviour of beams of rectangular cross section under a 
concentrated load at mid-span, Fig. 2.6. Jones's approach was based on the 
assumption that the in-plane axial displacement at each support was 
proportional to the square of the maximum transverse displacement, while 
Hodges assumed the end supports to be axially restrained with elastic springs. 
Both cases essentially predicted two possible modes of structural behaviour, 
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one in which both bending and axial effects act simultaneously, and for 
displacements larger than a given value, a membrane only type of behaviour. 
In Jones' analysis, the axial displacements at the boundaries continued to 
increase with the maximum transverse displacement in the membrane phase, 
while in Hodges' approach, they remained constant. 
In the case of a bracing member in an offshore structure, the member is part 
of a framing system so that the supports are essentially elastic and provide a 
varying degree of end axial and rotational restraint. 
In a series of publications [refs 39 - 40,43 - 45,62], a simple rigid-plastic 
analysis method has been described by Amdahl, Fumes and Soreide et al which 
determined the load-deflection behaviour of tubular beams. Full end fixity 
against both rotation and axial displacement was assumed and the tube 
deflected as a three hinge mechanism in which the hinges developed under 
the load and at the supports. For a centrally loaded beam the load-carrying 
capacity is given by : 
P=[ 
1- 'v )2] z+D arc sin(-) ;d <_ 1 (2.9) 
Po D 
P 
=n 
->1 (2.10) 
Po 2D 
where w- central deflection under the loading point 
D- diameter of the tube 
Po - plastic limit load in bending 
P 
86yDt2 (2.11) Po =L 
where t- thickness of tube 
L- length between supports 
cry- material yield stress 
Analytical equations for the load-carrying capacity of a centrally 
loaded beam 
were presented and integration of these equations gave the amount of energy 
absorbed plastically at any level of deflection, w, by the 
following : 
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w2 
E= PoD {w1_ (w)2 + 
[1 + 2(D) ß 
arc sin( 
D 
w)} 
Dw 4DD4<1 
(2.12) 
EgPO D[l w>1 (2.13) 
D 
Tests were also carried out using a rectangular indenter with a width equal to 
50 mm [refs 43 - 45,621. The geometrical and material properties of the 
specimens were of the ranges: 
11 <R/t<31 20 <L/R <40 
32 <R< 63 mm , 204 < 6y < 328 N/mm2 
The tubes were fixed rotationally at the ends and the two cases of free and fixed 
axial restraint were considered. The effect of membrane forces w as clearly 
demonstrated by the significant difference in load carrying capacity. Some of 
the tubes were tested under dynamic situation with a loading rate of 1-2 
m/sec. About 10 percent increase in load-carrying capacity of the specimens 
had been observed which was caused by a rise in the material stress-strain 
curve. 
In order to take into consideration the local effects such as moment capacity 
reductions due to indentation and buckling of tube wall, a simple finite 
element method was employed. The indented area was assumed to be flat and 
the remaining part of the cross section had constant radius of curvature. The 
reduced plastic section modulus was obtained from integration over the 
deformed cross section, assuming that the reduced section has the same area of 
the intact tube. The beam elements used in the modelling were modified 
continuously during deformation so as to reproduce the reduced plastic 
moment capacity. The program system consisted of three integrated parts: 
i) A finite element beam program with elasto-plastic material behaviour 
and large deflection effects incorporated. 
ii) A yield line program for predicting local indentation. 
iii) A program for calculating reduced moment capacity due to local 
deformation at the point of impact. 
The load was applied in increments with equilibrium achieved by iteration 
within each load step. Effects of end restraint was taken into account by using 
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spring elements at the supports. The analysis basically dealt with a beam-like 
behaviour of tubular members and the predictions were, therefore, applicable 
to situations where the energy expended in local deformation was much 
smaller than the overall deformation. 
A full shell analysis was also performed to simulate the real deformation 
pattern of the impact member. In the central region close to the point of 
impact a fine mesh of triangular thin shell elements was used while the tube 
wall outside the local indentation area was represented by a coarser mesh of 
rectangular elements. Strain hardening was accounted for by combining the 
sub-layer technique with a flow rule of plasticity and geometric nonlinearity 
was modelled by the updated Largrangian formulation. 
Results of the finite element analysis followed the experimental results fairly 
well while the simple beam mechanism model neglecting local deformation of 
the indented cross section overestimated the load carrying capacity. The 
effect of induced membrane forces due to clamped end conditions were also 
demonstrated from the computer analysis. 
The finite element technique was also used by Smith [refs 63 - 64) to estimate 
the overall response of tubulars when subjected to lateral load. The analysis 
method was incremental in nature based on elasto-plastic beam-column 
theory. A column was represented as an assembly of straight beam elements 
and these were divided into element fibres through the thickne ss of the tube 
wall, thus allowing for progressive development of plasticity. By application, 
and then removal of the lateral load, the load-deflection curves were computed 
and residual stresses were also obtained. Various different end conditions 
were considered but the effects of local buckling and damage in the form of 
dent was ignored. 
Oliveira [refs 48 - 49,53] detailed a rigid-plastic analysis method which takes 
account of the membrane effects due to a large mid-span defection of the 
bracing member and end restraint. Analytical equations were inferred 
which relate the load-deflection relationship of bracing members subjected to 
transverse loading at mid-span. 
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p=m+ 7rnw + hwK, ;n<1 (2.14) 
p= v+hwKr ; n= 1 (2.15) 
where 
PL NMDW 
p= 8M0 n 
o' 
m= M, h= L, W= D 
0 
and K,. = end restraint (assuming rotational and axial restraint are equal) 
A step-by-step procedure is required for the evaluation of the 
non-dimensional parameters and therefore the load-deflection relationship. 
The developed method could also handle unequal rotational and axial restraint 
or an impact position other than at the mid-span. By using a restraint 
constant obtained from published literature, the load-deflection relationship 
could be calculated. It was also shown that a reliable evaluation of the degree 
of end restraint was very important particularly for large lateral transverse 
displacements. 
The interaction between local and global deformation modes has also been 
taken into consideration [ref. 54]. These were assumed to be independent and 
when the local indentation load equalled the global bending load, this was 
taken to denote the transition of the two phases. The overall load -deforrn ation 
history of a laterally loaded tubular member was able to be traced and the 
analysis was found to overestimate the experimental results by a factor of two. 
Similar to local denting of tubular member (see Section 2.5.1), this discrepancy 
was attributed to the fact that local ovalisation of the tube's cross section was 
ignored in the analysis. 
Similarly, Ellinas [ref. 56] assumed the tube ceased deforming locally and 
started to displace in an overall bending mode when the lateral applied load 
had reached a certain level. Classical limit plasticity theory was used and the 
assumed plastic hinges at the end supports could develop their full moment 
capacity. The tube was assumed to be fully restrained flexurally but free to 
translate in the longitudinal direction, therefore no axial tensile stresses were 
induced due to pull-in at the supports. The overall bending displacement at 
which the dented beam collapsed by the formation of a three hinges 
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mechanism could be obtained indirectly by considering the energy absorption 
characteristics of the beam mechanism. When the kinetic energy of the 
striking object is prescribed, the deformation due to overall bending can be 
evaluated as follows: 
Ek =Ed +E0 (2.16) 
where Ek - kinetic energy of the striking object 
Ed - plastic energy absorbed due to local denting of tube (refer to 
Section 2.5.1) 
4Mp 
+ 
Mnd)d 
L MP 0 
(2.17) 
Mpd - reduced plastic moment at central hinge due to the effect of local 
denting 
Mpd = Mp COS 0- ß) (2.18) 
dd), 
(1 - 
bpd) (2.19) 
D oy 
6yd = 6y 
D)L 160)2 
+ (r )2 - 
4( 
A (2.20) 
t9DD3D 
Mp- plastic moment capacity of the tube's cross section =D t2 °y 
As shown in the analysis, the effect of local denting on the bending behaviour 
was also considered in a relative simple manner. 
This analysis method was further extended by Richards and Andronicou [ref. 
65] to handle the four different combination of boundary condition resulting 
from flexural and rotational freedom or fixity. Two examples of damaged 
members reported from offshore platform were used to illustrate the 
procedure. It was shown that the loss of load carrying capacity of the hinge 
mechanism was compensated by membrane action to give almost constant 
lateral force with increasing deformation. The tubes were axially restrained 
and failure was deemed to have occurred when membrane force reach yield. 
Finally, the force-deflection behaviour of damaged tubulars suffered from 
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overall lateral bending due to dynamic loading localised at the mid span has 
been investigated by Cho et al [refs 57 - 58]. The analytical curves were 
obtained by a regression study of experimental data which were represented 
by a linear equation up to the elastic limit and by an exponential equation for 
the elastic- plastic regime. The equations obtained, although they were far 
more complex than those introduced by other researchers, aimed to provide 
more precise spring coefficients of the test tubes for use in a subsequent 
dynamic response analysis by the authors. 
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2.6 Residual Strength of Damaged Bracing Members 
In offshore installations, bracing members are generally designed to carry 
axial compressive loading. With their low Rlt ratio and relatively long chord 
length, local buckling are therefore unlikely and column buckling will be the 
dominant mode of collapse. In most cases of minor collision, catastrophic 
failure of the installation is not expected to occur but damage to a bracing 
member can happen quite frequently, particularly for jacket type 
construction, which will in turn affect the capacity of the structure to 
withstand extreme loads. It is therefore from an engineering view point very 
important to know the residual load carrying capacity of a damaged bracing 
member as well as the energy absorption ability when such a structural 
element subjected to transverse impact. A summary of various experimental 
and analytical investigations in the residual strength capacity carried out by 
different group of researchers are reviewed in the following sections. 
2.6.1 Summary of Investigations by Smith et al 
It appears that Smith et al of AMTE is the first group of researchers who 
carried out investigations on the residual strength of damaged bracing 
members. Experimental results on small scale tubulars with Rlt ratio of 13 and 
23 and column slenderness ratio mainlY in the imperfection sensitive range of 
0.8 <ý<1.2 (where X= (L/7cR)(ay/E)1/2) had been presented in a series of 
paper [refs 63 - 64,66 - 67]. Full scale specimens retrieved from 
decommissioned platform were also tested. The damaged tubulars were 
compressed axially with simply supported end conditions to provide 
information on the influence of various mode of damage on the collapse and 
post-collapse behaviour. Some important findings from their work are 
summarised as follows: 
In the case of local denting damage without bending, the effect was to 
cause a local reduction in section modulus and eccentricity of the 
neutral axis. Residual stresses resulting from dent formation might also 
caused premature yielding. The loss of strength was insensitive to the 
location and shape of the denting damage. 
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In the case of damage in an overall mode, it was established that loss of 
compressive strength would depend critically on the amplitude of 
bending deformation and was insensitive to the location of such damage 
along the length of the tube. Because of the particular form of the 
residual stress distribution induced by elasto-plastic bending, it had a 
negligible influence on the loss of strength. 
iii) An incremental elasto-plastic beam-column finite element analysis was 
employed which was found to provide an accurate estimation of the 
residual stiffness and strength of the damaged member with denting 
and bending damage considered in isolation. The effective values of 
Young's Modulus and yield stress of the dent zone fibres were taken to 
be 50% and 75% of full material value, respectively [ref. 66], see Fig. 2.7. 
iv) At a later time, the damage effects in compressive strength for tubes 
with any combination of denting and overall bending damage were 
studied [ref. 67]. The analysis was again carried out using the finite 
element method with the introduction of a reduction factor applicable to 
the fibres in the dent zone which was determined by a regression 
analysis of experimental data. The effects of denting and bending 
damage were found to be not directly additive. The effects of damage 
were most marked for tubes with slenderness ratio in the imperfection 
sensitive range. 
v) The effect of damage was the greatest when bending was slight and 
reduced as the departure from straightness increased. Similarly the 
influence of lateral bending damage was most significant when the 
dent depth was small and diminished as dent size increased. 
vi) Parametric studies were carried out to produce design curves which 
were found to agree well with experimental results. 
2.6.2 Summary of Investigations by Taby et al 
At early 1981, test results on behaviour of damaged tubular members had been 
published by Taby, Moan and Rashed [ref. 681. A series of 21 test tubes with Rlt 
ratios from 19 to 30 and slenderness ratios of 0.6 to 1.1 were locally dented 
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(without bending) at 3/8 position of their length in order to differentiate 
between buckling collapse and plastic collapse at the dent. Axial compression 
was applied to the damaged specimens which were mounted with simply 
supported end conditions. 
Plastic analysis has been carried out with the assumption of a three-stage 
deformation namely dent plastification, ultimate stage and post-ultimate stage. 
During the dent plastification stage, only axial compressive strains were 
considered. As a result of this simplification, uniform shortening of the 
tube took place and axial compressive stresses developed unifon-nly in 
the tube shell. In the dent, bending stresses superimposed on the direct 
stresses and as the axial load continued to increase, yielding started at 
the middle of the dent and continued until a full plastic hinge line was 
formed. 
After plastification had occurred at the middle of the dent, the stiffness 
of the dented region reduced to a large extent. The dent was not 
effective in load-carrying any more while the axial stresses acting in 
the fibres which pass through the dent were transferred gradually to 
the undamaged area by the action of longitudinal shear in the tube 
shell. Thus, eccentricity of the load increments started to grow 
gradually and the resulting bending moment caused an overall bending 
of the member. This bending was magnified by the axial load with 
negligible increase in axial load and therefore the ultimate strength of 
the tube may be considered to have been reached at this time. 
The POst-ultimate strength of the dented tube was also formulated by 
dividing the member into two beam-column elements with a plastic 
hinge inserted at the dent position. The tangential elasto-plastic 
stiffness matrix of the elements was derived according to a plastic flow 
theory and assembled to obtain the global stiffness matrix. The 
incremental form of the load deformation relationship was obtained and 
solved. 
A computer programme called "DENTA" were coded to perform the above 
analysis and good correlation with experimental results has been obtained. 
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More test results were presented at 1985 [ref. 691 with wider ranges of Rlt ratio 
of the specimens, from 6 to 66, and slenderness ratios of 0.5 to 1.0, which 
covered the geometries of bracing members used in jacket type platform as 
well as floating rigs. The tested damaged tubulars included a combination of 
local denting and overall bending with both simply supported and clamped 
end conditions being considered. End shortening as well as lateral deflection 
at mid-length of the tube and at the damage position (ie. 3/8 of the tube 
length) were recorded during testing. The experimental results indicated 
three areas where existing theory should be modified: 
During the pre-collapse stage, the strength of the dented part of the 
cross section depended on the Rlt ratio. 
First yield was too conservative a collapse criterion for determining 
ultimate loads. 
iii) Reduction in plastic strength was observed due to the growth of dent or 
ovalisation. 
iv) Local buckling interaction may occur for high Rlt ratios (i. e. above 45 - 
50) and even some lower bound analyse might become unsafe. 
Modification of the computer programme has been made assuming the dented 
part of the cross section behaved as a flat plate with the longitudinal edge free 
from the rest of the tube. Residual stresses were not considered and a 
correction factor derived from experimental results was introduced to the 
pre-collapse calculation procedure. 
The analysis method on which denting and bending damage had been taken 
into account was divided into three parts: 
An analytical calculation of the behaviour up to first yield at which the 
most stressed fibre in the undamaged part of the cross section reached 
the yield stress in compression. 
ii) A numerical calculation of the behaviour from first yield up to 
elasto-plastic instability and the ultimate load condition during which 
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full plastic utilisation could not be expected while the moment in the 
undamaged part was constant over the dented length. 
iii) A numerical calculation of the full plastic post-collapse behaviour with 
an increase of dent depth at this stage. 
This analysis method was not reliable for using for end conditions other 
rather than simply supported but nevertheless ovalisation was considered. 
Parametric investigations were performed and gave a clear indication that the 
effects of dent shape and its location were insignificant but that the 
magnitude of the dent depth and departure from straightness were an 
important parameters governing the residual strength of the damaged 
member. 
2.6.3 Summary of Investigations by Ellinas 
In view of the early work carried out by Smith and Taby that the effects of 
denting damage and overall bending were considered in isolation, Ellinas [ref. 
70] developed an analytical method based on a member with a reduced 
effective section which could account for any combination of denting and 
overall bending. Utilising the experimental findings of Smith's investigation, 
the analysis procedure assumed that once plastification occurred the damaged 
part of the tube in dented region became ineffective. The load carrying 
capacity was then obtained on the basis of the reduced section using 
beam-column analysis, similar in form to that used in current design codes. 
The evaluation of the initial plastification stress, Upd, leading to the formation 
of plastic hinge at the middle of the dent is similar to that suggested by Taby 
(refer to Section 2.6.2). 
Once a hinge was formed, the bending stiffness of the damaged tube was 
mainly controlled by that of the remaining effective section in the dented 
zone which determined the response of the whole member. The reduced 
effective section area, radius of gyration, section modulus and eccentricity 
could all be evaluated, as shown by Fig. 2.8. In the case of pure overall 
bending damage, the analysis could be- shown to reduce to the same procedures 
as are described in published design codes. In the case of localised denting 
damage, a modified initial imperfection was employed with the full section 
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parameters replaced by those of the reduced effective section. By using the 
proposed modified imperfection parameters, the developed method could be 
easily adopted to provide accurate estimation of the ultimate strength of 
tubular columns with combined local denting and overall bending damage. 
When compared with experimental results from Smith's and Taby's 
investigation, with both local denting and overall bending damage presented 
separately or in combination, the theoretical approach provided a close 
lower-bound to the experimental scatter. Parametric studies were performed 
and gave results which agreed well with corresponding values from Smith. 
2.6.4 Summary of Investigations by Richards and Andronicou 
A large displacement, elasto-plastic analysis for simply supported tubular 
column has been described by Richards and Andronicou [ref. 65], which takes 
into account initial imperfection in the form of local denting and lack of 
straightness. The profile of the dent zone was assumed to be elliptical with the 
material's elastic modulus and yield stress degraded by a factor compared with 
the undamaged material. The reduction factor used in the analysis was 
obtained from Smith's empirical relationship [ref. 67]. The manufacturing 
irregularity was assumed to be in the form of a half sine wave while out of 
straightness resulting from damage was taken to be bilinear on either side of 
the point of impact. Results were correlated with those published by Smith 
[refs 63 - 64,66 - 67] and Ellinas [ref. 70] and good agreement was obtained. 
Two examples of damaged members reported from offshore platforms, suffered 
impact damage were used to illustrate the procedure, and indicated that larger 
diameter, shorter member suffered a much greater proportionate loss of 
strength than more slender members. 
2.6.5 Summary of Investigations by Ueda and Rashed 
So far, most of the experimental work reviewed here was carried out with the 
damaged member under the action of axial compression. An experimental 
study of the behaviour of locally dented tubulars subjected to pure bending 
was carried out by Ueda et al [ref. 47] and is reviewed in this Section. A total of 
21 specimens with local denting damage (without overall bending) were tested 
with Rlt ratios ranging from 17 to 32. The tubulars were supported on rollers 
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at the ends giving simple support conditions. From the experimental results, it 
was observed that the predominant effect of a dent was on the ultimate 
strength of the tube when the dent was placed on the compression side under 
bending. It also suggested that a dent was not likely to initiate local buckling 
or affect the rotation capacity of a damaged tube. 
in the analytical study, an ultimate strength interaction relationship of a 
tubular with denting and/or bending damage when subjected to axial load and 
bending moment in two perpendicular directions was derived and 
implemented in an idealised structural unit analysis. When the dented zone 
was on the compression side of the member, the average compressive stress 
which caused the formation of a plastic hinge line in the middle section of the 
dent was assumed to remain almost constant during further loading. On the 
other hand, when the fibres in the dented zone were subjected to tension, a 
plastic hinge was formed in the reverse direction in the middle section of the 
dent which was assumed to c arry further loading until reaching yield stress of 
the material. The theoretical model was found to be in satisfactory agreement 
with experimental results. 
2.6.6 Summary of Investigations by Griffiths and Wickens 
In order to examine the load carrying capacity of damaged structural 
members, tests have been conducted by Griffiths et al [ref. 71] on tubulars with 
geometries of the range: 
4< R/t < 15.5 36 < L/R < 158 
Specimens were damaged by impact with a knife edge 
dropping from different heights inflicted at mid span. 
were considered; first with direct bearing under the 
the tube simply supported at its ends. The damaged 
and laterally bent, were tested under axial compress 
each end to simulate a simply supported condition. 
having a mass of 20 Kg 
Two support conditions 
loading and second with 
specimens, locally dented 
ion with ball seatings at 
In parallel with the test work a theoretical analysis was undertaken to 
examine ways of relating impact force, damage and loss of strength. Many of 
the methods were found to be unsuitable for use in conjunction with the test 
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programme as they required very accurate modelling of the damage zone that 
was too complex to relate to the tests. However one method for relating the 
damage to the loss of strength of tubular members was found to be suitable 
with the inclusion of more accurate equations for the section properties of the 
tubes. It was found that the analytical procedures developed by Ellinas [ref. 
701 seemed to allow an additional safety margin of 40% for the specimens 
tested. As Rlt ratio was reduced the safety margin decreased correspondingly, 
particularly for high levels of overall bending. 
2.6.7 Summary of Investigations by Cho 
So far, most of the works discussed have been concentrated on the ultimate 
behaviour of damaged tubulars under pure axial compression without the 
influence of external pressure. It is not an unreasonable approach to take, 
because most of the ship/platform collisions happen above the water line. But 
in those cases where damage to platform structural members is caused by 
falling objects from platform decks, the damaged member may situated under a 
depth of water where hydrostatic pressure will be quite substantial. 
Only Cho [refs 57 - 581 has considered this effect and carried out investigations 
in this area. Small scale specimens were tested in an intact conditions to 
provide a basis for comparison for damaged tubes with and without pressure 
loading. Specimens with different magnitudes of damage at various locations 
along the length, retrieved from previous dynamic impact tests, were used in 
the experimental investigation. Loading conditions included pure axial 
compression and combined hydrostatic pressure and axial compressive load 
with the specimen ends supported on spherical sittings. The magnitude of 
applied pressure was as high as 3 N/mm2 which corresponds to a water depth 
of about 300 metres. 
It was observed from the test results that the influence on the failure load of 
the extent and positions of the damage was of primary significance whilst the 
effect of hydrostatic pressure was comparatively very little. Nevertheless the 
deformed shapes at collapse at the damaged region of some of the thinner 
specimens tested under pressure were significantly different from those tested 
under pure axial compression. Parametric design curves were developed and 
correlated well with experimental data from various sources. 
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2.7 Impact Deformation and Residual Strength of Cylindrical 
Shells (Rlt > 30) 
In the previous sections, the damage process relevant to bracing members 
during collision, and their subsequent load carrying capacity has been 
discussed. In offshore installations, bracing members are usually designed to 
carry axial compressive load with negligible local buckling of the cylindrical 
shell wall. To prevent the occurrence of local buckling, the Rlt ratio of the 
members are usually limited to be less than 30 for general structural steel as 
required by design codes [refs 72 - 73] 
In the case of main leg members of fixed platforms and columns of floating 
rig, the Rlt ratios of the cylindrical members usually exceed these limits and 
are generally stiffened by rings, stringers or both. These types of member are 
therefore susceptible to local buckling which can be a catastrophic event 
making the deformation characteristics during collision and the subsequent 
residual strength significantly different with that of a relatively thick walled 
bracing member. Due to the limited amount of traceable publications dealing 
with this subject, the literature review on impact deformation and residual 
strength of cylindrical shells (Rlt > 30) is presented here in a unified form and 
the following Sections contains summaries of the researches of individual 
workers or groups. 
2.7.1 Summary of Investigations by Pippard and Chitty 
The earliest publication in the investigation of the behaviour of cylindrical 
shells subjected to localised transverse loading was presented by Pippard and 
Chitty [ref. 74] after the end of World War 11. Their study was pursued to 
investigate the effects of underwater explosion on the structural integrity of 
submarine hulls, which could be modelled as ring-stiffened cylinders. Results 
of experimental investigation was discussed in which ring-stiffened cylinders, 
cylinders from scrap concrete drums and household milk tins were loaded 
transversely through ball indenter and cylindrical bars, statically and 
dynamically. The Rlt ratios of the specimens were in the range 100 to 250 and 
the cylinders were bedded in sand to half the diameter depth. Various levels of 
stiffness of the end supports of the specimens were also considered. Although 
the primary objective of the investigation was quite different, the loading 
condition and geometry of models described were quite similar to that of a 
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collision between marine vehicles and cylindrical offshore structural 
members. Some very interesting findings are summarised as follows: 
The effect of removing the transverse load from a cylinder under test 
and then re-loading was very slight. 
ii) The stiffness of the end supports had a significant influence on the type 
of distortion. 
iii) For cylinders with flexible ends no actual fractures of the shell 
occurred, but with stiff ends, longitudinal stresses were induced with 
sufficient magnitude to cause fractures. 
iv) During dynamic tests, the energy absorption capacity of the specimens 
was found to be 10% higher than when corresponding cylinders were 
loaded statically. 
V) The load-displacement curves for the internally stiffened cylinders 
showed evidence of the progressive extension of the region of plastic 
straining from the loaded ring to the adjoining sheet and then to rings 
further away from loading point. That appeared to be the explanation 
for the successive of comparatively straight sections which made up the 
curves. 
A circumferential deformation profile was introduced which had been 
suggested by G. J. Taylor assuming inextensional deformation of the cylinder's 
perimeter when subjected to transverse point load, Fig. 2.9. Good agreement 
with experimental measurements was obtained for both types of indenter with 
cylinders with negligible resistance to bending out of their plane at the end 
supports. 
Although the residual load carrying capacity of the damaged cylinders was not 
investigated, the results presented in the paper provided an insight to the 
energy absorption characteristics of stiffened cylindrical shells when 
subjected to lateral loading. 
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2.7.2 Summary of Investigations by Zayas 
In order to simulate the response of the column of a semi-submersible 
offshore rig impacted by the side of work boat, model test has been carried out 
by Zayas [ref. 75] on ring stiffened shell models of I to 6.25 scale. The skin of 
the experimental models were thickened to account for the axial stiffness of 
the vertical stringers of the actual column and the ring stiffeners were 
simulated by flat bars with equivalent stiffness. The work boat was modelled as 
a ro'und-edged ram. The collision load was ap plied statically over four panels, 
and three different longitudinal locations were examined. 
A simplified analytical method based on an idealised elasto-plastic solution was 
also presented. The cross section of the column was divided into dented 
regions, where significant radial displacements were expected, and the 
remaining undented region was available to resist the bending moment. It 
was assumed that the shell between the rings at the top and bottom of the 
collision zone underwent plastic elongation and within the dented region, 60% 
of the material was considered to undergo membrane tensile action. The 
contribution of the membrane forces to energy absorption was shown to be 
minimal at small indentation depths but became a major component as 
indentation increased. Flexural strain energy of the ring stiffeners was 
investigated by performing a finite element analysis of a typical ring. The 
amount of energy in the elastic range of the ring was shown to be small when 
compared to that in the plastic range and once the first plastic hinge was 
formed the resisting force of the ring did not increase substantially. Thus it 
could be assumed that the ring. stiffener's force-indentation relationship was a 
straight line. Fairly good agreement was obtained in the comparison of results 
from the analysis and corresponding experimental results. 
The analytical method tended to overestimate the strength of the column 
because it did not predict localised effects such as premature tearing of the 
shell plate or vertical stringers and distortion of the ring stiffeners which 
could reduce the energy dissipation capacity of the column. 
2.7.3 Summary of Investigations by Esslinger and Gerier 
In the analysis of the load carrying capacity of slightly imperfect cylinders, 
Esslinger and Gerier ý[ref. 76] carried out a large number of axial compression 
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test on cylinders made of mylar. Seven of these tests were performed under 
dead weight loading (i. e. load control condition) with a radial disturbance 
force applied at the mid length with the aid of a device by which the 
indentation depth and the force could be measured. The geometry of the test 
models was as follows: 
R= 100 mm ,t=0.254 mm ,L= 300 mm 
The indentation depths ranged from 0.5 to 9 mm. It was shown that a very 
significant decrease in buckling load was experienced for cylinders with 
indentation depth increased from 0.5 to I mm but the buckling load for the 
model with 5 mm dent depth was only slightly lower than that of the model 
with 1 mm dent depth. A rapid decrease in buckling load with increasing dent 
depth was again experienced for cylinders with indentations greater tha n5 
mm. 
No definite conclusions can be drawn from this reference because the 
information about the material properties, boundary conditions and method of 
dent imposition have not been given. Nevertheless, the test results give an 
indication that over a certain range of indentation, the buckling loads of 
axially compressed cylinders are only slightly affected by the increase in dent 
depth. 
2.7.4 Summary of Investigations by Smith et al 
Smith and Dow [ref. 77] included in their investigation on residual strength of 
damaged steel ships and offshore structure, the effects of damaged 
ring-stiffened shells subjected to external pressure. They suggested the form 
of damaged likely to cause the most serious loss of strength was that involving 
bending deformation of ring frames. A finite element analysis was performed 
on a typical ring-stiffened cylinder which was modelled by a single frame 
with associated strip of shell plating. Damage was simulated by an external 
concentrated radial force reacted uniformly round the circumference of the 
model. This implied that all frames were identically damaged which would 
provide a conservative, lower-bound estimation of strength for short 
cylinders or for structures in which some of the frames were undamaged or 
less severely deformed. The concentrated radial load was applied and then 
removed in order to simulate different levels of increments of the damage 
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process. An ideal rigid plastic collapse mechanism was also formulated 
assuming the formation of four plastic hinges of the ring frame. The results 
obtained were consistent with the finite element analysis. By using the restart 
facility in the computer program, the subsequent collapse behaviour of the 
damaged ring frame was examined at each deformed configuration under 
external pressure. The results showed a general reduction in collapse 
strength caused by various levels of damage. 
More recently, the subject had been further investigated by using numerical 
techniques [ref. 781. Three types of damage have been identified which may 
be caused by underwater explosion or impact damage. Commercially available 
as well as in-house developed finite element programmes have been used 
during the investigations. The influence of damage-induced residual stresses 
was also examined and a substantial loss of strength, up to 30%, had been 
experienced in some types of damage. The importance of this effect was found 
to reduce with the increase in the damage de formation but remains significant 
even at large damage amplitude. It was also highlighted that the most serious 
types of damage will be those involved with distortions of the stiffener ring 
frame which may reduce the collapse pressure to a minimum of about 30% of 
the squash pressure or to between 40 and 50% of the strength of an undamaged 
structure containing characteristic imperfections. The effect of damage in 
the form of a short-wavelength indentation of the shell panel between frames 
was relatively smaller. 
2.7.5 Summary of Investigations by Frieze and Sachines 
The residual strength of shells with local damage was also investigated by 
Frieze and Sachines [ref. 79] in their numerical analysis of the compressive 
strength of ring-stiffened cylinders using a finite- difference method. A 
parametric study of the extent of indentation and the residual compressive 
strength of cylinders subjected to near-point load damaged conditions was 
presented. During the generation of the damage, the ends of the cylinder 
were free to move longitudinally and the point load was applied at mid-panel 
position. In order to simulate the damaged process, the load was reduced to 
zero during each increment and the unloaded configuration of the model 
without residual stresses taken into consideration. These configurations were 
used as input data for a subsequent residual strength analysis. 
The 
load-deflection relationship of the damage process of a single bay shell model 
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with Rlt = 100 and LIR = 0.25 was reported. The subsequent residual strength 
analysis showed that an increase in damage distortion from two to six times the 
shell thickness decreased the compressive strength by only up to 10%. The 
trend in damage effect suggested the consequences of damage would became 
increasingly significant as ring-framed cylinder slenderness increased. 
2.7.6 Summary of Investigations by Onoufriou 
In the case of a side-way collision by marine vessels on an offshore 
installation, the loading condition can be acceptably simulated by a line load 
applied through a wedge indenter orthogonal to the longitudinal axis of the 
cylindrical member. Based on this phenomenon, an extensive cohesive 
research programme on the effect of impact damage on offshore structure was 
commissioned by the U. K. Department of Energy and S. E. R. C. and carried out in 
various U. K. Universities. As part of this programme, experimental and 
analytical results had been published by Onoufriou [refs 80 - 83] on 1/20 small 
scale ring-stiffened shells. The geometry of the models were as follows: 
R/t = 133 and 267 , LIR = 0.15,0.25 and 0.5 
On the experimental side, it was found that when the models were subjected to 
mid-panel denting, they exhibited lower lateral stiffness as the slenderness 
and ring spacing increased. These parameters were less important when the 
dents were applied to the rings and the bending stiffness of the rings 
themselves mainly determined the response. In the axial compression tests 
the slender shells showed a sudden failure, while the stockier ones suffered a 
small but significant reduction in stiffness prior to collapse. This behaviour 
was in line with equivalent intact shell characteristics. The presence of the 
dent acts mainly as an area of "weakness" which resulted in stress 
re-distribution around the model leading to highly stressed areas outside the 
dent. Collapse was triggered in these highly stressed areas when the stress 
level was close to the intact model collapse stress. The failure mode took the 
form of inward buckling inside the dent and outward buckling adjacent to 
it. 
The rest of the circumference generally failed in the critical mode of the 
equivalent intact shell. The location of the dent in relation to the rings 
did not 
appear to have any significant effect on the strength. Even 
in the cases of 
ring dents including large initial rotation of the stiffener no sign of stiffener 
distress was observed. 
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On the analytical side, a gap-contact element [refs 82 - 83] was developed 
which modelled the gradual contact between the indenter and the shell. This 
new element was incorporated into the in-house developed non-linear finite 
element programme 'FINAS' to predict the response of the shell both during 
loading and unloading. The finite element method was also used in the axial 
compression analysis of the dented shells and reasonable agreement with 
experimental results had been obtained for both phases of the investigation. 
From the analysis, the importance of the axial boundary conditions at the ends 
of the shell in determining the lateral stiffness during the damage process has 
been demonstrated. This was again verified during the axial compression 
investigation when uniform stress loading was used, which previously had 
provided a good strength estimation for an intact shell, but was found to be 
inappropriate for the analysis of dented shells. This was due to the complete 
loss of stress redistribution capability towards the intact part of the shell 
leading to early failure. The condition of uniform displacement with rotation 
was the most representative of the test conditions. Uniform displacement only, 
which gave the highest residual strength predictions, could also be 
appropriate in certain situations in practice. 
One of the experimental models was analysed including the residual stresses as 
predicted from the denting analysis. By comparing with the analysis using 
residual deformations only, the net effect of the residual stresses was found to 
reduce the strength further only by a small percentage despite the fact that 
they reach a significant compressive level of stress in the critical area outside 
the dent. This suggest that the deformation alone would be significant to give 
a reasonable representation of the response but still need further 
confirmation. 
The extent of strength reduction of the damaged shells were evaluated by 
comparing the collapse load of intact equivalent shells obtained from the 
finite element analysis method. It confirmed that the dent location in relation 
to the rings had little effect on the mechanism of failure and strength 
reduction. It also indicated that in shells of high slenderness which would 
tend to fail in a lobular mode, the dent may have an added effect on the 
strength by acting as a sympathetic imperfection to the critical mode of 
failure particularly when the dent wavelength was of the order of the critical 
wavelength. 
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For models with the presence of well defined initial imperfections, the failure 
mode would be dominated by the imperfection and precluding the dent from 
triggering a critical collapse mode. 
In practice, where a general form of initial imperfection would be present, 
the behaviour would vary between the two extreme cases of zero or well 
defined imperfection modes. 
Finally, it was concluded in the study of slender shells that the net effect on 
the strength resulting from dent-form interaction with critical failure mode 
and initial imperfection was small. Consequently, little increase in sensitivity 
to denting may be expected as the slenderness increased. 
2.7.7 Summary of Investigations by Ronald 
So far, this literature review has presented the results of investigations on the 
effect of localised damage on the strength of cylindrical shells that are either 
unstiffened or stiffened by circular rings. With the latest design of floating 
rigs and TLP, a lot of cylindrical columns are fabricated with stringers and 
ring stiffeners that is the shells are orthogonally stiffened. 
At Imperial College London, Ronald [refs 84 - 88] has carried out experimental 
and analytical investigations on the effects of damage on the strength of 
stringer and orthogonal stiffened cylinders. The models were stiffened with 
20 or 40 stringers around the shell circumference and with geometry as 
follows: 
R/t = 190 and 254 LIR = 0.33 to 1.1 
The cylinders were first subjected to lateral load by using a wedge indenter 
and subsequently tested under axial compression. During the denting test, it 
was found that the lateral load response of a longitudinally stiffened shell was 
very similar to a T-section beam with equivalent end support conditions. From 
the axial compression test, the dented zone was found to experience large 
inward deflection and was ineffective in carrying any of the applied axial 
load. Material at regions of the shell adjacent to the dented zone was found to 
experience stresses higher than the nominal level. At failure, the damaged 
cylinders buckled into modes very similar to their nominally perfect counter 
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part and examples of both local and overall buckling patterns occurred. 
A plastic mechanism method has been developed, for comparison with the 
denting tests, which modelled the stiffened shell as an assembly of T-section 
beams, each representing a stringer with its associated plating. Boundary 
conditions and membrane effects were considered and good correlation with 
experimental results has been obtained. 
An analytical formulation was also developed for predicting the residual 
strength of the dented cylinder employing both elastic and plastic techniques. 
The concentrically applied load was considered to apply at an eccentricity to 
the centroid of the damaged effective section producing rotation at the end 
supports and therefore lead to non-uniform stress distribution. Failure could 
be deemed to occur when the stress in the critical point adjacent to the dent 
reached the intact cylinder ultimate capacity. 
Good correlation with experimental results has been obtained for cylinders 
with stocky geometries but over-estimated the strength for more slender 
shells. This is attributed to the large outward deflection adjacent to the dent 
induced during the denting process which reduced the load carrying capacity 
in the critical zone. 
2.7.8 Summary of Investigations by Walker et al 
At the University of Surrey, a series of experimental investigations have been 
carried out by Walker et al [refs 89 - 921 to study the effects of localise impact 
damage on the ultimate strength of ring-stiffened and orthogonally-stiffened 
cylindrical shells when subjected to the combined actions of external pressure 
and axial compressive loading. The geometry of the models tested and profile 
of damage considered, were similar to those employed by Onoufriou and 
Ronalds. 
In short, it was observed that the 
absorbing impact energy is significantly 
of the ring stiffeners. Due to the 
stiffeners, plain-ring stiffened shells 
unstiffened counterpart. 
capability of ring_s tiffened shells in 
determined by the torsional stiffness 
insufficient rotational rigidity of the 
will deformed very similar to their 
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The general collapse behaviour of the models were more complex than if the 
damaged shells were subjected to pure axial co mpression. The deterioration in 
load-carrying capacity is much higher and cannot easily related to the 
proportion of damaged circumference. Again, the rotational rigidity of the 
ring stiffeners played a significant role of the buckling characteristics of the 
models. 
2.8 Strength of Intact Shells Subjected to Combined 
External Pressure and Axial Compression 
In order to facilitate the assessment of the reduction of ultimate strength of 
thin-walled shells with the presence of localise damage, it is important to 
have, as a basis of comparison, knowledge of the collapse behaviour of their 
intact counterpart. The subject of stability of circular cylindrical shells has 
always been a very intriguing subject to many researchers and a substantial 
amount of information have been built up from research work in this field for 
many years. Most of the works are originally directed to aircraft and 
aerospace applications until more recently this had extended to offshore 
structures due to its widely application in the industry. With the difference in 
fabrication processes, material and geometric properties, it is unfortunate that 
the wealth of knowledge on shells accumulated in the aircraft industry, in 
most cases, cannot directly applied to offshore shells which will fail in the 
elasto-plastic range rather than be dominated by elastic buckling. In the 
following Sections, a brief review of offshore related research work is 
presented with particular attention to the buckling characteristics of 
unstiffened and ring-stiffened shells under combined axial compression and 
external pressure, which is the dominant type of loading considered in this 
thesis. 
2.8.1 General Behaviour 
The geometric form of cylindrical shells is very effective for carrying axial 
loading. In offshore conditions, in addition to the dominant axial compressive 
loading arising from the dead weight of the superstructure, as well as other 
live and environmental loads, the structure members are also expected to 
simultaneously resist the external water pressure. For the primary load 
carrying members, they are usually augmented by the provision of internal 
circumferential stiffeners to enhance the strength of shell under pressure 
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loading. Under the combined action of external pressure and axial 
compressive loading, stiffened shells may fail in one or more of the three 
basic modes. 
Axisymmetric collapse of the shell panel between adjacent ring 
stiffeners. The characteristic feature of this mode is a circumferential 
bulging which form around the entire periphery or part of the 
cylinder, and which may or may not manifest itself in more than one 
bay of the cylinder. This type of buckling behaviour usually occurs in 
more stocky shells where the restraining of the Poisson expansion at 
the boundaries leads to elasto-plastic deformation without being 
preceded by elastic buckling. For ring-stiffened cylinders with small 
Rlt and frame-spacing-radius ratios, the behaviour is very close to that 
of unstiffened shells with equivalent geometry ratios between the end 
supports. 
Asymmetric or lobular buckling of the shell panel between adjacent 
ring stiffeners. This periodic form of collapse comprises a number of 
inward and outward lobes around the circumference of the cylinder and 
is to be expected in slender shells with widely spaced rings. This type of 
failure may occur mainly through elastic instability with rapid 
unloading in the post-buckling range, or by being triggered by 
elasto-plastic axisymmetric deformation near the panel boundaries 
through to the periodic post-buckling failure. 
The above two modes of failure are usually considered as local panel 
buckling. 
iii) General collapse of the shell panel and ring stiffeners together. 
In 
cases where the stiffeners are of insufficient strength, in terms of 
low 
moment of inertia and the overall LIR ratio is large, the stiffener will 
participate with the shell in an overall instability mode of collapse. 
This mode is characterised by large inward deflections of the cylinder 
and violent unloading behaviour. Design codes usually try to ensure 
avoidance of this kind of collapse behaviour 
by requiring sufficient 
strength of the ring stiffeners to ensure a more 
dominant local panel 
type of buckling. 
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2.8.2 Offshore Related Research 
The buckling of unstiffened and ring-stiffened cylindrical shells under 
combined axial load and external lateral pressure is of considerable interest to 
those involved in offshore structure design since such loading combinations 
occur frequently in the shell components of the legs and columns of offshore 
installations. It is only during the last decade that extensive research has 
been carried out and immense effort has been spent on constructing 
interaction equations experimentally and analytically. In Britain, various 
centres have been involved in an extensive cohesive buckling research 
programme. 
At Imperial College London, combined loading tests on eight small scale models 
with Rlt ratio of 267 and ring spacing of 0.15 R had been conducted by Tsang 
[refs 93 - 96]. The test models were fabricated from cold roll steel sheets and 
stress relieved subsequent to the manufacturing of the stiffeners-panel 
assembly. Both flat-bar and T-section ring stiffeners had been employed and 
the end panel were attached to heavy end rings. Five of these models were 
designed to fail in the inter-stiffener local buckling mode and the rest in 
general instability. 
A plastic mechanism formulation had been developed to predict the collapse 
strength of the models for both local and overall buckling modes. Numerical 
correlation with test results also had been performed using finite element 
technique developed by Andronicou [ref. 971 and Trueb [ref. 98]. 
The tests at Liverpool University consisted of 35 small scale single bay models 
with Rlt ratio close to 100 and LIR ratios of 0.33,0.74 and 1.45 [refs 99 - 1021. 
Eighteen of these models were fabricated from thin sheet steel and 
longitudinal seam welded but without subsequent stress relieving. The rest of 
these models were machined from steel pipes and were therefore could be 
considered as near-perfect. The models were tested to collapse with 
proportional loading which maintained the ratio of external pressure and 
axial compression at a constant level at all time during the tests. 
A finite difference numerical method, based on the BOSOR 5 programme which 
analysed the elasto-plastic stresses and buckling of axisymmetric shells 
subjected to axisymmetric loading were used to evaluate collapse 
loads for the 
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correlation with experimental results [refs 101 - 102]. Good agreement for 
those near perfect machined models was obtained whilst wider discrepancy for 
welded models has been noted. An extensive review of design guidelines 
provided by Codes and other interaction equations also had been presented 
[ref. 1031. 
Combined loading tests on eighteen stress-relieved three-bay plain ring 
stiffened cylinders of four basic geometries had been conducted by Frieze et a] 
[refs 1041. The Rlt ratios of the models were 150 and 300 and LIR ratios ranged 
from 0.1 to 0.4 with length of end bays 0.7 times that of the centre bay to 
precipitate collapse of the latter. Both axisymmetric and asymmetric buckling 
modes had been experienced which were confined between adjacent stiffeners 
and end boundaries. 
A fairly simple interaction equation to predict the mean strength of ring 
stiffened cylinders subjected to combined loading has been derived which 
approaches a linear interaction for slender cylinders when the axial load is 
compressive. The maximum strength of stocky cylinders were determined in 
accordance with the von Mises yield criterion with a quadratic interaction 
between yield and the strength of imperfect cylinder being employed. The 
proposed formulation was shown to be more accurate than the DnV rules in 
predicting axial compressive strength and more accurate than BS5500 for 
predicting hydrostatic loading capability. 
At University of Surrey, Walker et al [ref. 105] has presented experimental 
results on fabricated ring stiffened shells with very short end panels. Collapse 
were precipitated in the mid panel with shells having a Rlt ratio of 190 and 
LIR ratios of 0.3,0.7 and 0.8. 
Test results were also presented on two five bay plain ring stiffened models 
(model C9 and C12 in this thesis) during an investigation to assess the 
effectiveness of various repair techniques for damaged stiffened shells [ref. 
106]. Numerical analysis using a commercial finite element p ackage "LUSAS' 
were performed which over-estimated the collapse strength by about 
40% 
when considering the perfect geometry of the test models. 
Fairly good 
correlation was obtained when using the measured geometry of the test models 
at maximum imp erfect regions. Similar characteristics have 
been noted for 
one of the single bay models (model T3 in this thesis) tested under combined 
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external pressure and axial compression by Kwok et al [ref. 89]. 
In America, extensive experimental investigation had been carried out by 
Miller [refs 107 - 1081. Forty medium scale models were tested with Rlt ratios 
in the range of 242 and 500. Models were fabricated from steel plate with 
angle section ring stiffeners. Interaction equations have also been proposed. 
In addition to those research work discussed above, theoretical investigations 
had been pursued by the following researchers. 
A large-deflection elasto-plastic finite difference formulation employing the 
dynamic relaxation method had been developed by Harding [refs 109 - 110). 
Load deflection curves which include collapse loads and unloading 
characteristics of cylinders with simply supported ends have been obtained. 
An upper bound to the collapse load was obtained by using elastic non-linear 
equilibrium equations had been presented by Reis et al [ref. 111]. The elastic 
buckling and plastic collapse under external pressure and axial load for 
cylindrical shells with axisymmetric imperfections was examined and collapse 
was assumed when the Ilyushin criterion was satisfied. It was shown that 
large reduction in the collapse loads results in imperfection with longitudinal 
half-wave different from those of the elastic critical mode. 
Croll and Ellinas [refs 112 - 116] presented a simple analytical approach to the 
axisymmetric response of cylinders known as the reduced stiffness method 
which neglects the membrane energy in the minimum critical mode. This 
approach provides a simple lower bound of the elasto-plastic collapse strength 
of cylindrical shells subjected to any combination of axial load and external 
pressure. Based on the estimation of first material yield and first full 
plasticity, it provide a reliable measure of the collapse strength for allowable 
stress and limit state design respectively. 
As part of the research work carried out by Andronicou [ref. 1171, a 
large 
deflection elasto-plastic finite element formulation was presented. 
This 
axisymmetric numerical method had been in some occasions used 
by other 
researchers for test results comparison purposes [ref. 931. 
When compared to 
analytical results obtained by other researchers [refs 
99 - 1001 very good 
correlation has also been obtained. 
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2.9 Conclusions 
As shown in this literature review, it is evident that during the service life of 
an offshore platform, collision with marine vessels is a major cause of 
accidents which potentially can lead to significant consequences. The 
probability of occurrence of this event is quite high particularly when 
authorised vessels have to approach the installations. Damage to the structure 
caused by the impact of vessels of this type is in general minor and 
catastrophic failure of the installations is virtually unknown. Due to economic 
and technical reasons, immediate repair of the damage is difficult and 
sometimes impossible, therefore efficient and accurate assessment methods for 
evaluating the effect of the damage are vital for decision making. 
Thin-walled cylindrical shells are widely used structural components for 
offshore installations and therefore have attracted a lot of research interest. 
A substantial amount of work have been done in the investigation of the 
effects of damage of tubular bracing members representative of those in 
jacket structures. Both the energy absorption capability of these members 
during the occurrence of collision and the subsequent load carrying strength 
can now be evaluated with confidence. 
On the other hand, as exploration and production occurs in fields further from 
the coastline, more and more floating rigs and even the new tension leg 
platforms will be employed. The non-permanent location and floating nature 
of these type of structure may become more susceptible to collision and the 
consequences may become more serious. In this type of installations, the 
number of bracing members used are relatively few and the probability for 
ship collisions with the main support columns are higher. The main different 
of this type of members to that employed in fixed platforms is that the Rlt ratio 
is usually greater than 30 and in most cases some form of stiffening is 
involved. They tend to be more slender because of the inherent savings in 
weight required for a floating design and there is often very little or even no 
effective redundancy if one of the main members were to be significantly 
damaged. As a result of research currently being performed or recently 
completed, more and more information will be available in the near future but 
there are still a number of areas where more investigation is required. As 
shown in previous sections, research undertaken so far has been mostly 
concentrated on the investigation of the behaviour of damaged shells 
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subjected to axial compressive load alone., there is comparatively little 
information available on the behaviour when the damaged shells is subjected 
to combine external pressure and axial compressive loading actions. During 
the service of an offshore installations at sea, the most dominant loading 
condition on the column members is obviously axial compression resulting 
from the massive weight of the installation's top-side structure. When 
installations are put into service in deeper and deeper water, high water 
pressure will be also acting on the member and particularly, tidal wave 
variation will also lead to temporary high pressure loading on the structural 
components. This is therefore a very important area where research effort is 
required. 
In addition, wave induced cyclic variation of loading which can lead to fatigue 
damage in the structure particularly for components near the water line 
where vortex action can excite the components dynamically. This problem 
can become more pronounced for damaged structural members because most 
collisions occur at this level. So far the majority of fatigue studies in the 
offshore industry have been directed to the tubular joints of jacket type 
platforms. It has been noted in some of the reviewed publications [refs 80 - 83] 
that areas with high stresses are induced when damaged cylindrical shells are 
subjected to axial or loading, Fig. 2.10. This therefore gives rise to additional 
source of fatigue cracking in damaged components of offshore installations. 
This area was ignored by most researchers during their investigations and 
therefore requires further study. It is considered in this thesis which 
presents findings on the potential hazard of cracking in damaged shell 
structures. 
As part of a research programme commissioned by Department of 
Energy and 
S. E. R. C. on the investigation of the damage process and its subsequent effects 
on the load carrying characteristics of steel cylindrical shells susceptible 
to 
local buckling in Universities of U. K., an extensive experimental and 
analytical programme has been performed in the 
Department of Mechanical 
Engineering of University of Surrey. This is the main theme of this research 
project and some of the result and findings are presents and 
discussed in the 
following Chapters. 
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CHAI'rER 3 
EXPERIMENTAL INVESTIGATIONS 
3.1 Introduction 
Before moving on to the presentation of the experimental aspects of this 
project, two very important assumptions about the approach of the 
investigations adopted have to be specified. It is assumed that the part of the 
structure which resists the collision loads can be idealised by an assembly of 
simple components. The structural behaviour of each of these components is 
then estimated and the contribution was summed to give the global response of 
the whole structure. Furthermore, it is assumed that the two phases of the 
investigation, that is the damage and the loading process, can be considered in 
isolation. This means the damage is introduced to the components which is 
free from any external load during the time of imposition. Whilst the 
subsequent external loading process is carried out with the damage already 
existing in the members. The advantages of this approach lie in that: 
The structures involved in a collision scenario, either the ship or the 
platform may be resolved into a number of standard structural 
components. 
The response predictions for these components can be produced 
relatively easily in comparison to the corresponding response for the 
whole structure. 
iii) The complexity of having the two phases of investigation carried out 
concurrently is greatly reduced, both experimentally and analytically. 
The representation of the response of the structure and the 
degree of accuracy 
achieved are considered in most cases adequate 
for engineering purposes. In 
fact, this approach is widely accepted and applied by many researchers 
during 
the assessment of collision damage of offshore structures 
[ref. 1181. 
The experimental programme of this thesis 
involves the testing of twenty four 
small scale (1/20 the size of practical structures) thin-walled 
shell models with 
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three different geometrical designs subjected to different loading conditions. 
The tests were carried out to obtain information for comparison with 
analytical predictions and to widen the knowledge on both the damage process 
and the subsequent effects on load carrying behaviour including fatigue, of 
steel cylindrical shells. The shells have geometrical properties simulating 
part of the main legs of fixed platforms and the columns of floating rigs which 
are susceptible to local buckling rather than column buckling. 
The first part of this Chapter presents the preparation of the test models, the 
material properties, the equipment and testing procedures for damage 
simulation etc. The results from the denting tests are presented in the second 
part of the chapter. Some typical strain gauges results are also given in this 
Chapter. 
0 3.2 Manufacture of the Test Model 
All the thin-walled cylindrical shell models in this test programme were 
manufactured by R. M. E., Cranleigh, Surrey. That company has considerable 
expertise in the manufacture of such models and for some years has designed 
the tooling and developed the manufacturing procedures essential for 
producing the high degree of shell circularity required. The models were 
fabricated from low alloy, medium strength sheet steel. 
Three different geometrical designs of the models were involved, as shown in 
Fig. 3.1. For the single bay 'T' series models, the test results were considered to 
be applicable to multi-bay and ring-stiffened shells in which the rings are 
sufficiently strong to limit the damage zone to between the rings. The two 
different stiffener designs of those ring stiffened shells had the same moment 
of inertia and satisfied the main requirements contained in the DnV rules 
[ref. 731. The geometry of these types of ring stiffened models are widely 
employed in offshore installations and the tests were intended to give a more 
realistic simulation of the collision scenario. 
The small scale test models were identified according to their geometrical 
design and the loading condition they were subjected to. All the single bay 
unstiffened shells were identified as "T" series models except for Shells T6 to T8 
which had been renamed as Shells VI to V3 since they were subjected to cyclic 
loading after damage had been introduced on the shell sur face. Together with 
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some of the ring-stiffened shells tested under the action of cyclic loading, they 
were identified as the "V" series models. Otherwise, the other single bay "T" 
series models were collapse tested under quasi-static loading. The "R" and "C" 
series models were multi-bay ring-stiffened shells tested to collapse under 
quasi-static combined loading of axial compression and external pressure. 
The plate element of these models were 
the appropriate thickness. The cold 
having a grain structure parallel with 
panel was fabricated in such a way 
circumferential direction of the model 
axis of loading. 
prepared from cold rolled steel sheet of 
rolling process resulted in the sheets 
the direction of the roll. The shell 
hat the grain would always be in the 
and consequently perpendicular to the 
The cylindrical cans of these shells were generated by rolling and then 
clamping around a precisely machined mandrel. The longitudinal seam was 
then TIG welded, the excess heat being removed by a copper strip in the 
mandrel directly under the seam. 
The stiffener rings for the plain ring stiffened models were manufactured by 
a trepanning operation from steel sheets of the appropriate thickness 
resulting as in a complete annuli of the required geometry. The 'T' section 
stiffener rings were machined from seamless steel pipe which had a tensile 
yield stress of 366 N/mm2 and elastic modulus of 205xIO3 N/mm2. The cans 
with their res pective stiffening rings were then accurately assembled and 
clamped in the jig prior to welding. 
A complex welding jig with integral heat sinks was employed to ensure that 
the intrinsic distortion caused by thermal effects was minimised. The jig was 
of segmented construction and able to collapse radially inwards to facilitate 
removal of the model after welding. The circumferential welds were produced 
by a manual TIG process with filler metal being applied as required. The edges 
of the shell end rings did not have weld preps machined into them but were 
assembled as shown in Fig. 3.2. The groove was then filled with weld metal 
taking great care to ensure full weld penetration. 
To remove the residual stresses caused by the welding process the shell was 
heat treated, by raising its temperature to 6500C at a rate of 1000C/hour, and 
then allowing a 2 hour soaking period before being allowed to cool in the 
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furnace. This heat treatment operation also removed the work hardening 
effect which resulted from the cold reduction process and returned the stress 
strain curve to its characteristic shape for structural grade steel with a clearly 
defined yield point. To prevent thermal distortion of the shell during the heat 
treatment process a tight fitting steel jacket was clamped round the mandrel. 
As the furnace did not have an inert atmosphere the jacket also served to 
minimise surface scaling. 
The shell assembly, after removal from its heat treatment jacket, had its top 
and bottom faces lapped flat and parallel to achieve an almost perfect edge 
contact with the heavy mild steel end rings. The shells were attached to the 
end rings using one of two different techniques. All the single bay models and 
those ring stiffcned cylinders tested under cyclic loading conditions had the 
ends of the shell welded to heavy mild steel end rings as shown in Fig. 3.3. For 
those ring stiffened models tested under static loading, the ends were cast with 
a sand-Araldite mixture into the grooved end rings as shown in Fig. 3.4. In 
both cases, a fully encastre condition to the shell assemblies was assumed to 
have been achieved. The former end boundary fabrication technique was 
essential for tests with cyclic loading and the latter was advantageous for static 
loading due to the elimination of residual welding stresses at the end 
boundaries. 
3.3 Material Testing 
3.3.1 Quasi-Static Material Properties 
The material properties of the test models were determined from uniaxial 
tensile tests on specimen cut from the sheets of steel used to fabricate models. 
The specimens were heat treated at the same time with the cylinders and was 
therefore subjected to an identical normalising process as the shell panels. 
Tensile test pieces were machined to the form shown in Fig. 3.5 and loaded in 
an Instron servo-hydraulic machine. In order to improve the sensitivity of 
the 250 kN load cell of the test machine, the dimension of the test pieces was 
not in exact accordance with the Standard testing recommendations [refs 73, 
119 - 120]. Nevertheless, the tensile test results was found to be in very good 
agreement with those obtained in other institution using the same material 
stocks to fabricate cylindrical shell models. The material properties of the 
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T-ring stiffeners were obtained by tensile tests on the seamless steel pipe 
material. 
A very low rate of loading, i. e. two yield strains per hour, was used and the 
specimen was held at a constant end displacement for five minutes after 
reaching the yield plateau in order to obtain the static yield stress of the 
material. A typical load-extension diagram is shown in Fig. 3.6 in which the 
strain was measured using linear strain gauges and the stress was calculated 
on the basis of an average thickness. In fact the variation of material 
thickness was very small, being less than ±2% from the nominal values. 
Since stress-strain properties were determined from tensile tests, whereas all 
tests on the models were conducted predominantly in compression for which 
the material behaviour may be different. Some selection of a relationship 
between tensile and compressive behaviour of sheet steel is therefore 
required; but the selection criteria are still open to question. It has been 
suggested that the compressive yield strength of the material could be 
estimated by adding 10 N/mm2 to the yield stress obtain from tensile tests [refs 
120 - 121]. This may be quite unrealistic to take as a general rule because the 
yield strength may vary widely from material to material. Based on past 
experience [refs 122 - 1231, the compressive yield stress of the material 
involved in this investigation was assumed by adding 10% to the yield stress 
obtained from the results of the tensile testing. The relevant average values of 
material characteristics to be used in this project are summarised in Table 3.1. 
3.3.2 Cyclic Loading Material Properties 
Since some of the models were, tested under cyclic loading conditions and 
fatigue cracking may occur as a result, some knowledge of the material's 
fatigue proper-ties or S-N curves of the steel sheets used is valuable. In order 
to produce an accurate representative S-N curve, a large number of cyclic 
material testings are required in order to cover the entire span of stress range 
involved. Furthermore, the testing results can vary widely even at a 
particular stress range therefore a few number of specimens are required for 
each range and each test required days to finish. This will mean that the 
construction of S-N curves for the materials involved in this project 
constitutes a formidable task. 
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For the 0.6 mm thick steel sheet, the S-N curve had already been constructed 
during a previous research programme [ref. 123] and since the material used 
in this project were came from the same stock, which was specially 
manufactured by British Steel, the material characteristics was therefore 
believed to be very consistent. This S-N curve as shown in Fig. 3.7 which 
provides a crude measurement of the material's capability to withstand cyclic 
stressing without cracking and is therefore used in the interpretation of the 
fatigue cracking characteristics of the ring stiffened models in Chapters 7-8. 
For the 0.84 mm thick material, no cyclic material tests had been performed 
and there is no available S-N curve. A very primitive approach was adopted in 
an attempt to obtain the threshold stress range below which no fatigue 
cracking will occur. Consider that the tensile yield stress of the 0.84 mm thick 
material is 313 N/mm2 compared to 387 N/mm2 for the 0.6 mm thick material, 
on which Fig. 3.7 was based and assumed that the fatigue threshold stress 
range is proportional to the tensile yield stress of the material. The threshold 
stress range for the 0.84 mm thick material could therefore be estimated to be 
about 180 N/mm2. Of course, this is a somewhat naive approach without any 
physical and experimental validation and fatigue tests should be performed in 
the material. Nevertheless, this approach will be seen to give some insight to 
the interpretation of analysis results in Chapter 8. 
The fatigue testing of the 0.6 min thick steel sheet were performed by using 
coupon specimens subjected to a heat treatment process similar to that of the 
material used in fabricating the models. The geometry of the fatigue specimen 
is shown in Fig. 3.8 and the curved design was considered to be the most 
suitable since an uniform stress distribution would exist across the waist zone 
at mid-length. The test area comprised a 50 mm wide parallel zone 20 mm long 
with a 1.6 mm diameter hole drilled in the centre of the specimens which acted 
as a stress raiser. The curved profile was formed on a NC milling machine in 
which the associated software translated the stated radii into a series of 
Cartesian coordinates with 0.001" steps thus ensuring a smooth transition 
between curve and parallel zone. 
The specimens were subjected to axial loading which varied sinusoidally from 
nominally zero to a specified maximum stress at a rate of 25 Hz. Each test ended 
when the specimen completely fail. It was observed during the cycling tests 
of the coupon specimens that once a crack had been initiated at the edge of the 
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small hole, it Propagated at a very rapid manner until the specimen separated 
at mid sec tion. The number of loading cycles required for the propagation 
stage constituted only a negligible portion of total life of the specimen. It was 
in fact the crack initiation stage that made up the major proportion of the 
fatigue life of the test coupon. Th e S-N curve shown in Fig. 3.7 represents the 
relationship between the amplitude of the mean stress range across the mid 
section of the specimen (without taking into account the stress concentration 
factor due to the presence of the small hole) and the number of cycles for 
failure. Th e threshold stress range was about 220 N/mm2. 
3.4 Initial Imperfection Measurement 
Initial imperfections present on cylindrical members of offshore installations 
are inevitable induced mainly due to the fabrication process. The effects of 
initial imperfections on the load carrying capability has been recognised and 
investigated by many researchers but their effects has not yet been 
completely quantified. Design Codes are currently based on an empirical 
lower bound to available experimental results and specify tolerance 
requirements on imperfection levels. The initial profile of each cylindrical 
models therefore has to be measured so that the results obtained from the 
experimental investigations can be properly interpretated and provide a 
sound database for when the results are used by others in the future. The 
imperfection measurement data can also be used to produce the appropriate 
finite element modelling for the analysis. 
The initial form of the shells were measured subsequent to their being 
heat-treated and fabricated to the end rings. The shells were mounted on a 
turntable and rotated past an LVDT as shown in Fig. 3.9. The speed of 
transverse past the LVDT was calibrated and values of displacement were 
recorded at regular time intervals. This process was repeated at various 
locations along the length of the shells. The recorded data were stored in a 
micro-computer and processed in a manner based on a computer programme 
developed by Nelson et al [ref. 1241. The evaluation process took account of the 
inevitable misalignment of the models during setting up of the measuring 
process and produced the cylinder's best-fit radius, position and tilting of the 
ordinate of the model. The measured values were then compared with the 
best-fit cylinder to give the initial deviations of the surface of the models. A 
typical output of this procedures was shown in Fig. 3.10. These imperfection 
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data were then analysed using a Fourier Series transformation method so that 
the overall picture of the imperfection distribution could be obtained 
according to the equation : 
MAX 
wo = 1] in- ., 
(Am, cos n0+B, sin n 69) si 1: m m=1,2, n=0,1, L 
where WO is the deviation of the initial geometry from the best-fit cylinders. 
A and B are the Fourier Coefficients of the models which could be used 
analytically to reconstitute the measured shape of the shells. 
Fig. 3.11 shown a typical output of this procedures. The dominant mode of 
imperfection of the models could be derived by plotting the Fourier 
Coefficients non-dimensionally as shown in Fig. 3.12. The Fourier Coefficients 
of the dominant imperfection modes of all the test models were summarised in 
Table 3.2. 
The measured imperfection values were then compared with corresponding 
allowable values specified in the DnV Design Code [ref. 731. Since the region of 
interest during the tests was at the location where the damage was imposed of 
the test shells where damage imposed, the comparisons were only carried out 
at the centre. panel for plain ring stiffened models and the centre two panels 
of T-ring stiffened models. The sections of all the models considered were 
shown in Fig. 3.13. Table 3.3 summarised the results of imperfection survey of 
all the cylindrical shell models measured. It was shown that the initial 
imperfections of the test shells from the nominal shape were all within the 
allowable values except Shell TIO. 
3.5 Test Equipment and Procedures 
3.5.1 Denting Test 
It is obvious that damage effects are difficult to define precisely, since they 
can be the results of a multiplicity of events within a collision. The ship can 
strike the structure leg with its bow, its side or its stem. The ship structure 
can deform and absorb part of the energy, or it can be relatively rigid and the 
less rigid structure may suffer all the deformation such that the profile of 
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damage on the structural member can vary widely. Furthermore, the impact 
may occur at various levels of the platform making the simulation of every 
damage combination impossible. In order to obtain as much information as 
possible from a limited amount of experimental studies, a typical impact 
scenario therefore has to be formulated within which the damage introduced 
will have the most significant effect on the strength of the damaged members. 
The profile of the damage imposed on the test models at this stage of the 
investigation is intended to provide information on the general mechanism of 
the energy absorption process of cylindrical components during a typical 
collision. The choice of the damage location also has to be chosen carefully so 
that information can be gathered for subsequent analytical investigations on 
the residual strength and stress analysis of damaged shells. 
Based on the findings of other researchers and to fulfil the above necessities, 
it was decided in the present approach to the problem to model the damage as a 
knife-edged dent imposed midway down the shell. In two of the models, 
variants of this approach were applied to determine if any significant change 
of shell behaviour resulted from changing the position or the shape of the 
dent. The knife-edged dent was chosen since it seemed to be an appropriate 
modelling of the accident in which the ship is infinitely rigid compared to the 
shell and all the energy was imparted to the latter. It also simulate a typical 
situation in which the colliding vessel drifts sideways, with its stem striking 
the platform leg. 
3.5.2 Damage Simulation 
Simulated damage was imposed on the shell models by the application of a 
localised lateral load through a knife-edge indenter in a specially built 
indenting rig. It comprised a base through which a crosshead runner passed. 
The base was fabricated from 100 mm x 50 mm. steel hollow section. To ensure 
accurate perpendicular alignment of the indenter crosshead with respect to 
the longitudinal axis of the test-piece, the guides were jig bored and contained 
linear bearings at the top and bottom of the sleeve. The crosshead was 
fabricated from hollow section with solid plugs welded to its ends through 
which machined holes were bored to locate the hardened precision ground 
steel shafts. The indenter bar was machined from tool steel to the profile 
shown by Fig. 3.14. It was subsequently heat treated by oil quenching and 
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tempering. 
The simulation of structural damage on the test models was conducted in such a 
way that the depth, form and repeatability of the simulated damage could be 
carefully controlled. The operation was performed within an Instron 1343 
self-reacting frame which incorporated a ±250 kN actuator. The indentation 
fixture, mounted in situ on the rams of lower hydraulic grip is shown in 
Fig. 3.15, along with the actuator's control transducer. In addition to its system 
control function the output signal from the LVDT was routed to the controller's 
internal XY chart recorder to give a trace of ram displacement against loadcell 
output. The rigidity of the system was such that the LVDT displacement was 
equal to the indentation applied to the shell. 
The model was accurately located in the fixture with respect to the centre line 
of the indenter block to ensure that the damage was imposed at exactly the 
correct elevation on the shell external surface. The crosshead, to which the 
indenter block was mounted, was then gently lowered into contact with the 
shell. The Instron actuator was then activated, ramping at a rate of 2.5 
mm/minute under the control of the external LVDT, which was therefore 
essentially a quasi-static loading. 
In order to maximise the amount of data which could be obtained from testing 
a single model, the denting test was carried out in a hysteretic manner. This 
was accomplished by ramping the actuator upward to give a certain amount of 
damage on the model and then reverse the direction of the actuator until zero 
load was recorded by the loadcell. The depth of the residual dent in the shell 
could then be observed and measured by the movement of the new 
displacement origin at zero load from the original datum. This cycle of loading 
and unloading was repeated until the prescribed depth of the dent was 
attained. This procedure enabled a comprehensive picture of residual strain 
within the shell at various dent depths to be achieved and allowed the imposed 
damage could be controlled to within ±10% of the desired value. At a later 
stage, one of the test models was tested in a single cycle fashion to verify the 
validity of this procedure. 
For the denting test of shell models, the cylinder rested on the indenting rig 
supporting on its end rings without any in-plane translation and rotation 
restraint. This provided a realistic simulation for the collision situation in 
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which bending of the platform leg could happened together with the more 
dominant local denting damage. The type of indenters and position of the 
damage imposition on these models are summarised in Table 3.4. 
A typical Instron output of the damage process of the test model is shown in 
Fig. 3.16 indicating the definition of loading and residual dent depth at a 
particular load level. 
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3.6 Results and Observations 
3.6.1 Denting Tests 
The primary objective of the denting tests was to investigate the energy 
absorption capability of the cylindrical members of offshore installations 
during the occurrence of a collision. After such a collision in the offshore 
environment, the striking vessel will move away from the damaged structure 
in most instances, and subsequent assessment of the damage can only be 
carried out on the basis of the level of damage remaining in the members. 
Therefore the residual dent depth will be more significant than that of the 
deflection when the loading is being applied. 
3.6.2 Denting Test of Unstiffened Shells J2, T4, T6 to T8) 
Since five of the unstiffened shells were all similarly subjected to damage by 
the application of knife-edge indenter at mid panel, the characteristics of the 
damage process are presented collectively in this Section. A summary of the 
denting test results of these five models together with the other unstiffened 
shells is given in Table 3.5. 
As shown in Fig. 3.17, the results of the relationship between the applied load 
and the corresponding dent depth indicates a general trend, but with a fair 
degree of scatter. The same comments can be made with regard to the results 
relating the applied load to the residual dent depth which give a measure of 
the plastic action that occurred during the denting process, Fig. 3.18. As 
shown in Fig. 3.19, the relationship between the full dent depth and the 
residual dent depth, i. e. the degree of recovery action, displays much less 
scatter. 
It could be seen clearly in the dented models that a series of yield lines was 
generated which marked the boundaries of the dented region corresponding 
to each increment in dent depth. With the aid of brittle lacquer coating 
applied on Shell T2, this effect was clearly displayed. A series of semi-elliptic 
shaped zones of cracking on both sides of the dent line were observed, perhaps 
caused by large local rotations, i. e. slope discontinuities. These patterns of 
cracking also marked the boundaries of the dented regions at successively 
increased dent depths. Shear type cracks within the region bounded by the 
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semi-elliptic cracking and inclined at 450 to the dent line, were also observed 
indicating the material in this dented region was under a state of biaxial stress, 
see Fig. 3.20. 
This observation of biaxial stress was confirmed by the membrane strains 
registered on strain gauges applied on the quarter-panel of Shell T2 within 
the dented region. The magnitudes of these residual membrane compressive 
strains in the hoop direction and tensile strains in the axial direction were 
found to be well in excess of the material yield strains, as shown in Fig. 3.21. It 
may also be seen in that figure, that a distinct change of slope in the 
load-strain relationship occurred at a load of about 2.5 kN. Gauges at 
mid-length at 600,1800, and 3000 from the centre line of dent round the shell 
perimeter recorded virtually zero strain throughout the whole of the denting 
process. 
Observations and measurement on the dented models showed that except for 
the immediate vicinity of the indenter contact zone, the shell remained 
circular and was unaffected by the denting process. Close to the indenter, the 
surface of the shell was flattened and this zone of flattening increased in area 
as the depth of dent was increased. Detailed measurements on the dented shells 
showed that the surface at the end of the flattened zone bulged outward very 
slightly, see Fig. 3.22. However, the extent of bulging of this area was very 
small and essentially the shell exhibited significant slope discontinuities at the 
boundaries of the flattened zone. Measurements from deflection scans on 
three of the deformed shell were integrated to obtain the change in 
circumferential length at different sections and length of generators around 
the models as shown in Figs 3.23 - 3.24. 
As shown in Fig- 3-25, slight amount of in-plane displacement of the end rings 
of the models along the centre line of the dent in the longitudinal direction 
could be observed during the denting process. These displacements of the end 
rings were found to reduce with distance away from the dented region and 
became virtually zero at 1800 from centre line of the dent. 
3.6.3 Denting Test of Shell T9 
Denting damage was imposed on this model by a lateral load applied through 
the knife-edge indenter at a quarter point along the length of the shell as 
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shown in Fig. 3.26. A higher magnitude of applied load was required to 
introduce the same degree of damage as shown in Fig. 3.27. Also shown in the 
same figure are the results of Shell T2 and T10 for comparison purposes. The 
amount of in-plane displacement of the end rings was found to be higher at 
the end closer to the indenter than that at the other end, see Fig. 3.28. 
3.6.4 Denting Test of Shell T10 
The denting test on this model was carried out with a ball indenter to simulate 
a bulbous bow impact during a head-on collision. The applied load and dent 
depth relationship is shown in Fig. 3.27. The applied load for the same level of 
dent depth was found to be significantly less than for those tests carried out 
with the use of knife-edge indenter, but the in-plan e displacement of the end 
rings was the least in this case compared to the tests involving the knife edged 
indenter. 
In contrast with the other tests, no visible yield lines were observed and the 
dented region interfaced smoothly with the initial circumference of the shell 
without any significant slope discontinuities, as shown in Fig. 3.29. 
3.6.5 Denting Test of Shell T11 
The denting test on this model was aimed at verifying the validity of the 
damage imposition procedures applied on those models discussed in previous 
sections. The denting process was carried out in a continuous manner i. e. the 
full dent depth was achieved in one loading cycle without any intermediate 
unloading and reloading process. The full loading dent depth was first 
estimated from the results of Shells T2 and T6 and after reaching this 
magnitude, the denting load was then removed leaving the permanent damage 
on the model shown in Fig. 3.30. Also presented in this figure were the results 
of Shells T2 and T6, extracted from Fig. 3.18, showing very good agreement 
between all three tests. 
3.6.6 Denting Tests of Plain Ring Stiffened Shells (R1 and R2) 
Six plain ring stiffened shells were involved in this series of tests with 
residual dent depth varied from 3 mm to 6 mm according to the requirements 
of the subsequent loading tests as specified in Table 3.6. The lateral load was 
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applied through the knife-edge indenter on mid-length of the models, i. e. 
mid-section of the centre bay between two stiffening rings. Results of the 
denting tests were shown in Figs 3.31 - 3.33. 
The denting tests of Shells RI, V4, V6 and C10 were carried out in a similar 
manner as the unstiffened shell models while the final dent depth on Shells R2 
and V5 were achieved in two separate stages. The levels of damage imposed on 
Shells R2 and V5 were 2.8 min and 1.9 mm, respectively, in the first stage after 
which the model was unloaded from the indenting rig. The models were 
subsequently located very carefully in the rig, with accurate alignment of the 
damage and the indenter, and further loaded to the required dent depth. It was 
shown in Fig. 3.34 that the results of the two successive denting tests on these 
two models joined smoothly with only very small discontinuities. 
Visual observations on the damaged models show a similar deformation 
behaviou r to the unstiffened shells (Section 3.6.2), with a series of yield lines 
marking the boundary of the damage zone at each dent depth increment. In 
addition, out of plane ro tations were experienced by the ring stiffeners closest 
to the indenter contact zone. The corresponding rotations were negligibly 
small for those stiffeners located closer to the end boundaries. 
Brittle lacquer coating had been applied to Shell R1 and this shell displayed 
semi-elliptic line crackings during each loading cycle. There was no 
observable shear type cracking and it was interesting to n ote th at 
discontinuities of these elliptic crackings were experienced when the damaged 
zone extended across the stiffeners to the neighbouring bays, see Fig. 3.35. 
During the various phases of tests on these models, strain gauges were 
employed to register the local load-strain behaviour in the shells. The layouts 
of the strain gauges on individual models were intended to provide data for 
various purposes. For Shells R1 and R2, the objective was to obtain a general 
picture of the deformation behaviour of the model during the damage process 
and the subsequent collapse tests. The results are presented in following 
Sections. The strain gauge layout for Shells V5 and V6, was designed to 
concentrated on recording the residual strain distribution during the damage 
process and the subsequent stress distribution when the damaged models were 
subjected to cyclic loading. The results from these gauges will be discussed in 
detail in Chapter 7. There was no strain gauges had been applied on Shell CIO 
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for which the denting test was solely for generating the required damage. 
On Shell Rl, strain gauge rosettes and single element gauges were attached to 
the shell panels and stiffeners at various positions to record the strain/load 
characteristics of the model during the damage process. The layout of the 
strain gauges on this model is shown in Fig. 3.36. 
Gauges on the mid-panel (damaged panel), control panel and stiffeners at 
positions 1200 from the centre line of the damaged zone registered negligible 
variations of strain throughout the denting process and it was only those 
gauges closest to the dented area which recorded significant strain variations. 
For rosettes at positions A and B, along the centre line of the damaged zone, 
bi-directional residual membrane strains were recorded. These membrane 
strains, tensile in the axial direction and compressive in the hoop directions, 
showed a very significant proportion of bending with the surface strains 
exceeding the material yield limit, see Fig. 3.37. 
As shown in Fig. 3.39, the residual membrane strains of the shell panel at the 
three positions concerned were within the elastic limit of the panel's material. 
At positions C and E, significant unloading in the axial direction was 
experienced. The longitudinal membrane strain at position C consisted of a 
very high proportion of bending with surface strains exceeding the yield 
limit at a loading above 1.5 kN. On the other hand, the residual membrane 
stress in the hoop direction at position E was tensile while the other two were 
compressive in nature, as shown in Fig. 3.39. Again, the contribution of 
bending stress was quite significant particularly when the applied load 
exceeded 1.5 kN. 
Finally, Fig. 3.40 shows the residual membrane strains on the stiffeners. These 
were well exceeded the stiffener's material yield strain at position F even 
during the first loading cycle in the test. The proportion of bending strain 
increased si gnificantly when the load was increased to about 2 kN. At this 
loading, a dramatic change in slope in the load/strain relationship was 
experienced for gauges at position G and the proportion of bending also started 
to increase at this later stage of loading. 
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Gauges at position I experienced a small amount of bending, the magnitude of 
which reduced with increasing applied load while gauges at position H 
registered almost zero bending effects. The strains recorded at these two 
positions had just reached the material yield limit at the end of the denting 
test. 
Generally speaking, the denting test on Shell R2 exhibited a similar behaviour 
to that on Shell RI. Single element gauges were also employed on stiffeners at 
positions corresponding to F and G on Shell RI and very good correspondence 
of the strain results from both shells was obtained. 
The in-plane displacement of the end ring at the positions shown in Fig. 3.41 
was measured during the dent test. A small change in slope in the 
load/deflection relationship was experienced at position A when the applied 
load was increased above 2 kN. This in-plane displacement was found to have 
diminished to zero at opposite side of the dent (position Q. 
3.6.7 Denting Tests of T-Ring Stiffened Shells (R3 and R4) 
The lateral load was applied at mid-section of the models, i. e. directly on top of 
the middle T sectioned ring stiffener, by using the knife-edge indenter of the 
testing rig. The magnitudes of residual damage imposed on these models varied 
from approximately 3 mm to 6.45 mm. Results of the denting tests are 
summarised in Table 3.7. and shown in Figs 3.42 - 3.44. 
As shown in these figures, results of the five tests lay within a very close 
scatter band. There was significant change in slope of the load-dent depth 
relationship at a loading above 1.4 kN and the slope started to vary again when 
the applied load exceeded 3.8 kN after a linear stage. 
Visual observations on the dented models indicated that the deformed region 
was more or less confined to between the adjacent stiffeners, even for Shell V9 
with the deepest dent dept. Yield lines on the surface of the shells were less 
obvious in this case and the circumference of the dent region was found to be 
flattened with no obvious bulging at the dent corners. An internal view of the 
models shows that the stiffener under the loading point was flattened without 
twisting and there was hardly any distinguishable radial and out of plane 
deflection at the adjacent stiffeners. 
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During the denting test, the cracking pattern of brittle coating applied on 
Shell R3 was noted. No sign of any cracking was observed until the applied 
load exceeded 1.6 kN. The cracking patterns were found to be semi-elliptic in 
shape and extended with increasing dent depth. At a loading of 4 kN, the crest 
of the cracking pattern had just extended across the adjacent stiffeners to the 
bays closed to the end boundaries. Furthermore, the extent of the cracking 
pattern covered a region outside the dented area in the hoop directions, wider 
than that in the unstiffened shells and the plain ring stiffened shells, see 
Fig. 3.45. 
Also, on these models, strain gauges were employed during the tests and for 
similar reasons as for the plain ring stiffened models discussed above. Results 
for Shells R3 and R4 only are presented in this Chapter. The strain gauge 
results for Shells V7 to V9 will be presented in Chapter 7. 
In order to determine the effectiveness of the T shaped design of the ring 
stiffeners to absorb impact energy, an extensive pattern of single element 
strain gauges was attached to the shells to register the deformation 
characteristics of the stiffeners (mainly in the hoop directions) during the 
denting test. 
Fig. 3.46 shows the strain gauges results at various positions closed to the 
damage affected zone on the flange of the dented stiffener of Shell R4. A 
sudden change in slope on the load/strain relationship at various load levels 
was the common characteristic which indicated the progressive deformation 
pattern of the dented stiffener. This progressive pattern was also experienced 
by gauges on the external surface of Shells R3 and R4, at the junction of the 
stiffener and panel, as shown in Fig. 3.47. 
Strain gauges were also attached to the external surface of Shell R3 at the 
junction of the stiffener and panel. These gave a good indication of the 
progression of the damaged zone, see Fig. 3.48. 
It is shown in Fig. 3.49 that on the the panel closest to the loading position, 
bi-directional strains with magnitudes well in excess of the material yield limit 
were recorded. These strain results, tensile and compressive in axial and hoop 
direction respectively, show a significant change in slope in the load/strain 
relationship at a loading about 2 kN. 
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3.7 Discussions 
3.7.1 Denting Tests on Unstiffened Shells 
Figures 3.22 - 3.24 show clearly that the profile of the dented models was 
significantly different to the dented tubulars with low Rlt ratios considered by 
Thomas [refs 34 - 35]. Circumferentially, the deformation was very much 
confined within the damage zone whilst limited in the longitudinal direction 
by the heavy end rings. This negates the validity of the deformation field 
assumption for tubulars and the analytic techniques consequently developed 
are therefore not appropriate for thinner walled cylindrical shells. With 
these high Rlt ratio and low LIR ratio, significant membrane action was 
induced in the shells almost instantaneously when the loading was applied and 
the bending action remains at a constant level after some initial rotation at the 
shell circumference. These deformation characteristics of the damage 
affected zone were clearly indicated by the strain gauges results obtained from 
the tests on Shell T2, Fig. 3.21. The material within the damage zone was under 
a biaxial stress state which was highly tensile in nature in the axial direction 
and compressive in the hoop direction. Both the inside and outside surface of 
the model had the same nature of stress state in both directions particularly at 
higher level of damage. It is in fact this membrane action which dominates 
the energy absorption characteristics of the shell models with the bending 
action offering only a smaller contribution. 
These characteristics are also to be noted in the load-dent depth relationship of 
the test results shown in Figs 3.17 - 3.18. The linear region at the early stage of 
loading, which was mainly due to the localised elastic bending of the shell 
panel, was almost completely n egligible. The geometry of the models were 
such that yielding of the shell material occurred at a very small values of 
loading particularly under the region of application of the knife edged 
indenter. Any elastic analysis for the cylinders subjected to such loading is 
therefore not applicable in the present situation. 
When comparing the result of the denting tests on Shells T2, T6 and T9, it may 
be noted that when damage occurred at a position near to the rigid end 
boundary (in this case at quarter panel), the shell was able to absorb more 
impact energy. This improvement in energy absorption capability is mainly 
due to the introduction of a higher axial tensile stress in the dented region 
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closest to the end ring which in turn leads to a larger in-plane deflection at 
this end. This may also introduce a very high level of residual stresses locked 
in the damaged model. 
In the case of Shell TIO, there were no visible yield lines on the shell 
circumference, and no significant discontinuities were experienced between 
the damaged and intact perimeter of the shell as happened in the cases of 
knife-edge indenter damage. With this less noticeable difference in slope on 
the shell circumference, membrane deformation work which absorbed most of 
the impact energy is therefore less in this case and bending deformation is not 
very effective in energy absorption for thin-walled structures. 
Generally speaking, the results of the denting tests on the models indicate that 
for the same level of damage, a cylindrical shell can absorb a lesser amount of 
energy due to bulbous bow impact (simulated by the ball indenter) than a 
side-way collision (simulated by the knife-edge indenter). On the other hand, 
when the collision occurs at a position close to the rigid end boundary (in this 
case, a quarter-panel damage), more energy can be absorbed for the same 
degree of damage than when the impact occurs at the mid-length of the shell. 
3.7.2 Denting Tests on Plain Ring Stiffened Shells 
From the dented profile of the models, it can be seen clearly that the stiffeners 
were not strong enough to confine the damage to within the damaged bay. 
When the damaged zone is small, the model deforms like an unstiffened shell, 
that is, it behaves similarly to that observed in the unstiffened models 
discussed in Section 3.7.1. But when the damaged zone extends to the 
stiffeners, pinching of the stiffeners occur and therefore flattening of the 
stiffeners will happen. If the stiffener deforms radially inward only, a 
significant amount of energy will be absorbed due to its high moment of 
inertia. But as shown by the deformed models, out of plane rotation (or 
twisting) of the stiffeners was also experienced which would reduce the 
energy absorption capability significantly, although flattening was still 
taking place. With further increase in dent depth, the stiffeners rotated as 
part of the damaged panel and once the twisting started, the damaged zone was 
able to extend across the stiffeners to the adjacent bay. At this stage, the 
models deformed as an unstiffened shell again with only small contribution in 
energy absorption contributed by the flattened stiffeners. 
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Based on the observation of the brittle lacquer cracking and strains registered 
by gauges on the panel of the damaged bay, the bi-direction straining 
characteristics confirmed that the shell deformed like an unstiffened model. 
From results recorded by gauges on the stiffeners, a clear indication was 
obtained that once rotation occurred, the stiffener deformed in a rigid body 
displacement mode without further straining. Therefore they were not very 
effective in absorbing the impact energy. 
On the whole, it can be surnmarised that due to the insufficient rotational 
rigidity of the plane stiffeners, stiffened shells of this kind will have an 
impact energy absorption capability only marginally higher than their 
unstiffened counterpart. 
3.7.3 Denting Tests on T-Ring Stiffened Shells 
At the early stage of the damage process, the magnitude of the load at the point 
where the dent depth starts to increase rapidly is higher than for the plain 
ring stiffened shells. This effect can simply be attributed to the bending 
stiffness of the dented stiffener. Once plastification progress throughout the 
cross-section of the stiffener, the position under the knife edge will deform in 
a rigid body displacement which is confirmed by the strain results recorded by 
the gauge on the flange of the stiffener at the loading point. The contribution 
to energy absorption will be due to the deformation of plastic hinges during 
progressive increases in dent depth. Membrane effects will come into action 
at this stage of loading which cause the stiffened shell to behave like an 
unstiffened shell with the dent depth increasing almost linearly with 
increasing applied load. 
From the damaged profile of the models, it can be seen clearly that there is no 
out of plane rotation occurring at the dented stiffener because the load 
application is directly in line with the axis of the dented stiffener. The 
stiffening element is therefore able to utilise its bending stiffness fully to 
absorb the impact energy and therefore a higher load is required for 
plastification to take place. On the other hand, the higher rotational stiffness 
of this form of stiffener design can result in very high membrane straining 
in the panel during the development of the damaged zone until the magnitude 
of the applied load is so high that pinching and perhaps rotation of the 
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adjacent stiffeners is occurring. At this stage, gauges on the adjacent 
stiffeners started to indicate some significant increase in strain readings and 
the load required for further increase the dent depth also started to increase 
significantly. 
The bi-direction straining characteristic of the panels closest to the dented 
stiffener, with tensile and compressive strains in the axial and hoop 
directions, respectively, again suggest that the second stage deformation 
behaviour of the models is similar to that for unstiffened shells. 
The maximum dent depth induced in this series of tests was such that the 
design of the models seemed just strong enough to confine the damaged zone to 
within the bay closest to the dent stiffener, without significant flattening and 
twisting of the adjacent stiffeners. 
The strain results recorded by gauges closest to the dented zone in the hoop 
direction give some idea on the extent of the damage affected circumference. 
The results also show the tendency of the damaged zone to try to open up the 
circumference of the shells outside the damaged zone during progressive 
increasing dent depth. 
Generally speaking the increase in rotational stiffness of the stiffeners, 
compared to plain ring stiffeners, prevented the stiffeners being dished as a 
result of panel rotation and the un-dented stiffeners therefore provide 
sufficiently strong boundaries for the membrane effects to take place in the 
panels adjacent to the damaged stiffener for quite small dent depths. When the 
damage is so high that pinching occurs on these outside stiffeners, they 
deflect more or less radially inward and therefore contribute to the energy 
absorption process, making stiffened shells of this kind more effective in 
absorbing transverse impact energy than the corresponding plain ring 
stiffened shells. 
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Unstiffened Shells 
Yield Stress (ao) 
Compressive Yield 
Young's Modulus 
Poisson's Ratio (, u 
Stress (aoc) 
(E) 
) 
313 N/mm2 
1.1 x ao = 344 N/mm2 
203000 N/mm2 
0.3 
Plain Ring Stiffened Shells 
Shells Panels : 
Yield Stress ((To) 387 N/mm2 
Compressive Yield Stress (aoc) = 1.1 x cro = 426 N/mm2 
Young's Modulus (E) = 208000 N/mm2 
Poisson's Ratio (u ) = 0.28 
Plain Ring Stiffeners 
Yield Stress (cro) =3 87 N/mm2 
Young's Modulus (E) = 208000 N/mm2 
T-Ring Stiffened Shells 
Shells Panelý : 
Yield Stress (, ao) = 387 N/mm2 
Compressive, Yield Stress (aoc) = i. 1 x cro = 426 N/mm2 
Young's Modulus (E) = 208000 N/mm2 
Poisson's Ratio = 0.28 
T-Ring Stiffengrs 
Yield Stress (cro) = 366 N/mm2 
Young's Modulus (E) = 205000 N/mm2 
Table 3.1 Averaged Values of Material Characteristics. 
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Unstiffened Shells 
Shell Dominant Imp rfection Mode 
Code A B 
M N M N 
TI 1 7 1 4 
T2 1 8 1 4 
T3 1 4 1 4 
T4 1 8 1 4,9 
T5 1 8 1 2 
T6 (V 1) 1 8 1 6 
T7(V2) 1 4 1 8 
T8(V3) 1 10 1 4 
T9 1 4 1 8 
T10 1 8 1 4 
T11 1 4,8 1 14 
Plain Ring Stiffened Shells 
Shell Dominant Impe fection Mode 
Code A B 
m N m N 
R1 1 2 1 3 
R2 1 4 1 2 
V4 1 4 1 2 
V5 1 5 1 6 
V6 1 4 1 2 
C9 1 2 1 2 
CIO 1 3 1 2 
C12 1 4 2 3 
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T-Ring Stiffened Shells 
Shell Dominant Impe fection Mode 
Code A B 
m N m N 
R3 1 4 1 2 
R4 1 5 1 2 
V7 6 1 4 
V8 5 1 4 
V9 4 1 4 
Table 3.2 Fourier Coefficients of Dominant Imperfection Modes. 
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Unstiffened Shells 
Shell 
Code 
Best Fit 
Radius 
Maximum 
Deviation 
Local Out of 
Straightness 
Local Out of 
Roundness 
Outward Inw. ard Max. Max. /Allow. Max. Max. /Allow. 
T1 159.81 0.286 0.398 0.193 0.500 0.263 0.417 
T'2 159.78 0.386 0.246 0.219 0.567 0.266 0.422 
13 159.79 0.339 0.262 0.221 0.573 0.262 0.416 
T4 159.87 0.369 0.278 0.229 0.593 0.303 0.481 
T5 159.76 0.456 0.323 0.182 0.472 0.305 0.484 
T6(Vl) 159.82 0.410 0.337 0.230 0.596 0.268 1 0.425 
T7(V2) 159.84 0.434 0.306 0.283 0.733 0.241 0.383 
T8(V3) 159.72 0.635 0.393 0.293 0.759 0.371 0.589 
TI9 159.80 0.695 0.550 0.339 0.878 0.334 0.530 
TIO 159.81 0.589 0.447 1 0.442 1.14. ) 0.478 0.759 
T11 159.78 0.542 0.494 
1 
0.265 1 0.687 0.359 0.570 
DnV Allowances : 
Local Out of Straightness = 0.386 
Local Out of Roundness = 0.630 
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Plain Ring Stiffened Shells 
Shell 
Code 
Best Fit 
Radius 
Maximum 
Deviation 
Local Out of 
Straiahtness jý 
Local Out of 
Roundness 
Outward Inward Max. Max. /Allow. Max. Max. /Allow. 
RI 159.70 0.362 0.469 0.187 0.574 0.117 0.250 
R2 159.77 0.342 0.249 0.124 0.380 0.090 0.192 
V4 159.49 0.555 0.499 0.189 0.580 0.140 0.299 
V5 159.51 0.360 0.501 0.320 0.982 0.250 0.534 
V6 159.45 0.356 0.242 0.129 0.396 0.078 0.167 
C9 159.71 0.164 0.199 0.156 0.479 0.091 0.194 
CIO 159.72 0.250 0.269 0.171 1 0.525 1 0.103 1 0.220 
C12 159.74 0.209 0.258 0.230 
1 
0.705 0.097 
] 
0.207 
DnV Allowances : 
Local Out of Straightness = 0.326 
Local Out of Roundness = 0.468 
T-Ring Stiffened Shells 
Shell 
Code 
Best Fit 
Radius 
Maximum 
Deviation 
Local Out of 
Straightness 
Local out of 
Roundness 
Outward Inward Max. Max. /Allow. Max. Max. /Allow. 
R3 159.63 0.314 0.184 0.133 0,408 0.097 0.180 
R4 159.65 0.174 0.211 0.105 0.322 0.085 0.157 
V7 159.49 0.294 0.307 0.135 0.414 0.082 0.152 
V8 
V9 
159.51 
159.71 
0.242 
0.325 
0.212 
0.343 
0.175 
0.174 
0.537 
0.534 
0.081 
1 0.101 
0.150 
0.1 
DnV Allowances 
Local Out of Straightness = 0.326 
Local Out of Roundness = 0.540 
Table 3.3 Results of Initial Imperfection Measurements. 
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Unstiffened Shells 
Shell Code Type of Indenter Damage Position 
T'2 Knife-Edge Mid-Panel 
T4 Knife-Edge Mid-Panel 
T6(Vl) Knife-Edge Mid-Panel 
T7(V2) Knife-Edge Mid-Panel 
T8(V3) Knife-Edge Mid-Panel 
T9 Knife-Edge Quarter-Length 
TIO Ball-Indenter Mid-Panel 
Tll Knife-Edge Mid-Pa 
Plain Ring Stiffened Shells 
Shell Code Type of Indenter Damage Position 
RI Knife-Edge Mid-Panel 
R2 Knife-Edge Mid-Panel 
V4 Knife-Edge Mid-Panel 
V5 Knife-Edge Mid-Panel 
V6 Knife-Edge Mid-Pa el 
CIO Knife-Edge Mid-Panel:: 
j 
T-Ring Stiffened Shells 
Shell Code Type of Indenter Damage Position 
R3 Knife-Edge Mid-Panel 
R4 Knife-Edge Mid-Panel 
V7 Knife-Edge Mid-Panel 
V8 Knife-Edge Mid-Panel 
V9 Knife-Edge!:: 
j 
Mid-Panel 
Table 3.4 Type of Indenters and Positions of Damage Imposition. 
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Shell Code Loading Dent Depth 
(mm) 
Residual Dent Depth 
_(mm) 
Maximum Denting Load 
(kN) 
T2 5.65 4.15 4.32 
T4 5.74 3.90 3.39 
T6(VI) 5.51 4.15 4.11 
T7(V2) 3.15 1.89 2.54 
T8(V3) 2.38 0.80 1.43 
T9 5.61 4.17 6.00 
T10 5.48 4.19 1.82 
T11 5.66 4.28 4.20 
Table 3.5 Result of Denting Tests of Unstiffened Shells. 
Shell Code Loading Dent Depth 
(mm) 
Residual Dent Depth 
(mm) 
Maximum Denting Load 
(kN) 
RI 7.80 5.28 4.12 
R2 7.80 5.05 3.48 
V4 9.55 5.90 4.80 
V5 3.25 & 4.85 1.87 & 3.05 1.61 & 2.28 
V6 5.69 3.58 2.89 
CIO 9.11 5.26 4.66 
Table 3.6 Result of Denting Tests of Plain Ring Stiffened Shells. 
Shell Code Loading Dent Depth 
(m M) 
Residual Dent Depth 
(mm) 
I 
Maximum Denting Load 
(k N) 
*3 4.06 2.90 4.11 
*4 4.04 3.00 3.94 
*7 4.25 3.00 4.27 
V8 5.75 4.21 5.88 
v9 7.92 6.47 7.99 
Table 3.7 Result of Denting Tests of T-Ring Stiffened Shells. 
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CHAFFER 4 
ANALYTICAL INVESTIGATION OF DAMAGE PROCESS 
4.1 Introduction 
As shown in the literature review and experimental observations presented in 
previous Chapters, the estimation of the energy absorption capability of 
thin-walled cylindrical shells, when subjected to localised lateral load, is an 
extremely complex subject. The load-deformation characteristic and therefore 
the energy absorption mechanism is highly nonlinear in nature, both 
materially and geometrically. Currently available analytical approaches are 
either limited to specific cases or for particular structural geometry which are 
not easy and suitable to adopt in other impact scenarios. This therefore points 
to the need to pursue further analytical investigation in this subject in order 
to provide some tools for the estimation of the capability of cylindrical shells 
to withstand impact. The analytical studies also served to confirm the 
observations during the experimental investigation and provide some 
guidance for the design of impact resistance structural members. 
Most analytical techniques employed in this subject can be generally divided 
into plastic analysis and numerical methods. Plastic mechanism methods have 
been used by many researchers for the investigation of overall or local 
deformation behaviour of cylindrical shells. Implementation of this type of 
techniques requires a thorough understanding of the behaviour of the 
structure and very often is confined to simple geometrical configurations and 
deformation patterns. Th is method will, in many cases, not be very effective 
when elastic and plastic response are equally significant. Furthermore, it is 
particularly unsuitable when the main interest is localised stress-strain 
distribution information. On the other hand, plastic analysis techniques can 
provide a clear insight of the deformation mechanisms of many structural 
forms and are very easy to use. Therefore the method is very suitable for 
parametric studies and in many cases, the accuracy of results is acceptable for 
engineering purposes. 
Numerical techniques, particularly the finite element method, can handle 
complex structure configurations and deformation response more effectively. 
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They can also provide detail stress-strain distribution data which is very 
useful for fatigue assessment. The application of this method requires 
effective element formulation and in-depth knowledge for the implication of 
boundary and loading conditions. The method may be very expensive to run 
in terms of computing and processing time for structures where a lot of 
elements are required. The numerical techniques are therefore more suitable 
when detail information of a specific task is required. 
In this Chapter, the analytical simulations of the damage process by using 
plastic mechanism and finite element methods are presented. The 
investigation is mostly confined to cylindrical shells with geometries similar 
to those used in the experiments so that efficacy of the techniques adopted can 
be assessed by comparing with test results. 
4.2 Plastic Analysis 
This Section presents a simplified form of analysis which seeks to use the test 
observations to develop a relationship between the applied load and the dent 
depth. The predictions of the analysis are compared to the salient test results 
with a view to assess the efficacy of the analysis. It is understood that the 
theory cannot be validated by compar ison to results from only a few shell 
geometry. Nevertheless, as is shown later, the agreement between the test 
results here and the theoretical predic tion is encouraging. 
Essentially, the analysis is based on a plastic mechanism approach which 
ignores any contribution to the denting process which will arise from elastic 
action. The resulting formulations, therefore, are more relevant to residual 
dent depth; that is, the damage which would exist after the vessel had impacted 
with the shell. Moreover, the method is applicable to situations in which 
significant damage has occurred and the plastic mechanism is fully developed. 
The crux of most plastic mechanism analysis is the choice of mechanism shape 
and the assumptions regarding the stress combinations which exist in, and on 
the boundaries of the mechanism region. From the test observations reported 
in the previous Chapter, it may be concluded that evidence of damage is limited 
to the dent zone and that the remainder of the shell is mostly unaffected. 
Flattening of the shell circumference would generally require an expansion 
of the surface of the shell outside the dent zone in the hoop direction to 
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maintain a constant perimeter length. However, because of the short length 
of the shell and its rigid boundaries the strength of the shell to resist the 
circumferential expansion is very large. Any change in shape away from the 
dent zone is resisted and the only manner in which the dent can develop is by 
shortening of the perimeter by plastic action in the material due to high 
membrane compressive stresses. Similarly, due to the high rigidity of the end 
rings and the considerable membrane rigidity of the shell, inward deflection 
of longitudinal generators will imply a material stretching in the axial 
direction. Hence, it is assumed in the analysis model that the region associated 
with the damage will be in a state of biaxial stress which is of such a 
magnitude as to cause plastic flow in the material. A rigid elastic-perfectly 
plastic model of material behaviour is assumed and factors such as elastic 
deformations and strain hardening are not included in the analysis. Further, 
it is assumed that the shell in the dent region is flat and that at each successive 
value of dent depth the shape of the boundary is similar. The plane of the 
dented region is assumed to be parallel at each successive state of dent 
amplitude and that rotation occurs plastically only at the boundaries between 
the dent region and the remainder of the shell. 
The assumption of parallel planes in the dented region is valuable in 
simplifying the analysis, but is indeed supported by the test measurements. As 
Fig 4.1 shows, the assumed straight and parallel faces of the dented region 
correspond well for most of the region with the results of measurements on 
the models. This assumption is, moreover, equivalent to assuming that the 
profile of the dented region is that obtained by cutting a cylinder with an 
inclined plane which, as shown in Fig 4.2 is in good agreement with the test 
observations. 
In the following Section the assumed deflected shape, together with the 
quasi-static material characteristics are incorporated to develop the plastic 
work done in various forms and hence evaluate the load-dent depth 
relationship. 
4.2.1 Plastic Work due to Axial Stretching 
With reference to Fig 4.3, consider a strip width dy at a distance y from the 
longitudinal centre line of the damaged zone. The strip is assumed to be 
subject to a stress Cla parallel to the centre line and undergoes an extension 
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dAs' corresponding to a change in dent depth, ddr 
The plastic work done is 
dw, = 4a, t4 dA, (4.1) 
where dAs is the mean change of extension of all such strips across the 
damaged zone, defined by 
dAs f dAs' dy 
LIU 0 
(4.2) 
where 
_ 
A2) LZ = (2R Ar r (4.3) 
The corresponding change in longitudinal strain averaged across the half 
width of the damaged zone is 
1 dA " 
dg, dy (4.4) 
LU It's 
which can be approximated by 
-= 2(l - cos a) (4.5) dia 
Ar 
dAr 
and from Fig 4.4 
Cos a= 
Lp (4.6) 
4 
and 
dA, 
dEa (4.7) 
Where Ls is the average length of the damaged zone, hence, combining 
equations (4.5), (4.7) and (4.1) the plastic work done can be written as 
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cos a) - dw, Ls dAr (4.8) 
From the assumption that the damaged zone is formed by two flat planes, 
2 
L's (4.9) 3 
and 
Ls2 = (A2 +2 r 4) (4.10) 
Hence the plastic work can be related to the change in dent depth, from 
equations (4.8), (4.9) and (4.10). 
16cy,, tL.,, (l - cos a)(Al + dAr dw, - 3Ar .r_ 
(4.11) 
4.2.2 Plastic Work due to Hoop Compression 
Consider a strip width dx as shown in Fig 4.3, which is assumed to be subject to 
a stress cyc acting normal to the longitudinal axis of the shell. The strip 
undergoes a change of length dAc' corresponding to a change of dent depth 
dAr - 
The plastic work done during this change of geometry is 
dw2 = 4a, tLr dA--c (4.12) 
where dAc is half the average change of length in the y direction of the 
damaged zone, defined by 
1 Lp 
dAc =- 
f' dAc 
0 ILP , 
(4.13) 
The corresponding change in compressive strain in the hoop direction is 
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1 Lp dAC' 
de, fo (4.14) LP Lu 
which can be approximated by 
diý =1 dAr 2R 
similarly 
dA 
de, 
-C LU 
(4.16) 
Following the assumption of the geometry of the boundary of the damaged 
zone, 
2 
LIU - LIU 3 
(4.17) 
and from equations (4.17), (4.16) and (4.12) the plastic work done can be 
related to the change in dent depth by 
dW2 4 cc t4 Lu dAr (4.18) 
3R 
4.2.3 Plastic Work due to Plastic Bending in Axial Direction 
In this Section, the axial component of the plastic bending at the boundaries of 
the damaged zone is considered. Following the assumption that the planes of 
the damaged zone will always be parallel as the dent depth increases, there is 
no component of plastic bending work at the position of application of the 
indenter. 
The work done due to rotation at the plastic hinges assumed to exist at the end 
of the strip, width dy, see Fig 4.4, is 
dW3 =4 fo 2M, a dy (4.19) 
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where 
tan- I (ýr ) (4.20) LP 
From equation (4.20) 
da = ýý dAr (4.21) 42 
The moment of resistance in the axial direction at the hinge can be related to 
the plastic moment and the axial stress by 
2 -2 Ma 
ý-3 
Mp (I - Ca (4.22) 
where 
MP = 
(TO 
4 
t2 
(4.23) 
and 
'7a 
(Ta 
Oro 
(4.24) 
Hence from equation (4.19), (4.21) and (4.22) the plastic work done is 
16 4 Lp 
-2 dW3 .. - 
mp (1 - Ca )dAr (4.25) 
NF3 
Ar Ls2 
4.2.4 Plastic Work due to Plastic Bending in Hoop Direction 
The boundary of the damaged region are considered as plastic hinges, and as 
shown in Fig 4.5, will undergo rotation corresponding to an incremental 
change in dent depth. Neglecting the contribution to the plastic work due to 
the material subtended by dO', the plastic work done is 
Lp 
dW4 =8 mc o', dx (4.26) 
fo 
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where 
A 
(4.27) 
Now, 
f Lp 3 tan- dX (4.28) 
oR Ay 3R2Ar 
Hence equation (4.26) can be written as 
R)i dW4 3.76 
R( ýi, - 
1 dA, (4.29) Ar 
The moment of resistance of the hinge in the hoop direction can be related to 
the plastic moment and the applied stress by, 
=2M (1 
-2 mc 
p cc (4.30) 
N53 
where 
cc 
cc (4.31) 
go 
Hence the plastic work done is obtained from equations (4.26) and (4.27) as 
MP LP 
(R1 -2 dW4 = 4.34 R Ar 
)'I (I - a,, ) dA, (4.32) 
4.2.5 Plastic Work due to Flattening in the Hoop Direction 
With reference to Fig 4.5, and considering the segment of shell circumference 
subtended by the angle dO'. This segment changes from being curved to being 
flat during a change of dent depth. The corresponding plastic work done, 
assuming that the change of geometry takes place subject to the hoop stress ac, 
is 
Lp SM 
00 
dW5 4 f' f' c ds dx (4.33) 
R 
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From the geometry shown in Fig 4.4 
R dO' = 
dAr_ 
(4.34) 
sin 0 
It can be shown that using equations (4.33) and (4.34) the expression for the 
plastic work can be developed and written as 
1 
dw5 = 
4Mc 4 [(2RAX Arl 
dAr (4.35) 
(RAr - A2 r 
where Mc is as given in equation (4.30). 
4.2.6 External Work Done 
The work done by the external loading during an incremental change in dent 
depth is 
dW6 : -- Fi dAr (4.36) 
The sum of the plastic work components in equations (4.11), (4.17), (4.25), 
(4.32) and (4.35) can be equated to the external work done, equation (4.36), to 
obtain a relationship linking the applied force to a corresponding value of 
dent depth. That is 
dw, 
+ 
dW2 
+ 
dW3 
+ 
dW4 
+ 
dw5 
(4.37) 
dA, dA dA, dAr dAr 
Since the material within the dented regions is deformed plastically under a 
state of two dimensional stress, the unknown factors, Ca, ac, Ma and MC can be 
evaluated by employing a plastic flow rule in conjunction with von Mises yield 
criteria that is, 
-2 -- -2 
cc1=0 (4.38) 
(ya - Ora Or + Cy 
1- 
-2)1 
cyc 2[ ar,, - 
(4 -3a,,, 1] (4.39) 
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For compatibility of strain in the axial and hoop direction 
il -Lf = 77 ac) (4.40) da-c 
de, = 17 
df 
= 77(2ý(ý3C7 - Ca) (4.41) 
dc-rc 
From equations (4.40) and (4.41) a parameter P can be defined, 
2-( la - dc- 
2 -ac - 
-da7 (4.42) 
Hence, considering the mean change d-a and dEc in the axial and hoop 
direction over the dented region the following relationship can be used, 
frp- a 
dE-c 
-4R (1 - cos a) 
Ar 
(4.43) 
an d, therefore 
(4p 2+ 40 + 1) 
6a 
3 (p 2p 1) 
and cc can be evaluated from equation (4.39). 
4.2.7 Evaluation Procedure 
(4.44) 
Now all constants and variables in equation (4.37) except Lp, the length of the 
mechanism in the axial direction, have been expressed in terms of the dent 
depth Ar. It is assumed that this length will vary with the deformation Ar and 
hence the applied load, Ft, in such a manner that the load required for each 
deformation increment is minimised. This can be incorporated theoretically 
by minimising equation (4.37) with respect to Lp, and using the resulting 
value of Lp to evaluate the corresponding load. Due to the complex nature of 
the equation, exact minimisation is not possible analytically. A numerical 
approach was, therefore, used to obtain a solution for the applied load 
corresponding to each residual dent depth by trying a range of value of LP 
until reaching a minimum level. The evaluation procedures are demonstrated 
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in Figs 4.6a - 4.6d for the unstiffened test models which shown that a minimum 
denting load can always be obtained. It is also interest to notice that the 
denting load is very sensitive to the variation of Lp at small dent depth with 
sensitivity reduces with increasing in dent depth. In addition, from equations 
(8), (19), (24), and (27), the plastic work done are proportional to the inverse 
Of Ar which become indeterminate when Ar equals zero. Nevertheless, when 
Ar is approaching to zero, the denting load converges to a constant load level 
as shown in Fig 4.7 which is a typical characteristic for rigid plastic type of 
analysis method. 
4.3 Correlation of Experimental and Plastic Analysis Results 
for Unstiffened Shells 
The comparison between the experimental and plastic analysis results for the 
denting process of the unstiffened shells are shown in Fig 4.8. The correlation 
with the test results is good, providing a scatter band lying below the 
theoretical predictions. This is probably due to the slight over-estimation of 
the plastic work formulations which are consequent on the assumptions made. 
The assumption of a rigid dented region boundary is of course a simplification, 
as shown by the slight bulging of the shell circumference measured in the 
test specimens. This perhaps resulted in the over-estimation in the analysis 
the hoop contraction and the under-estimation of the axial stretching as 
shown in Figs 4.9 and 4.10 respectively. The magnitudes of these variations 
between test and theory are quite small and in fact their effects on the energy 
evaluation probably compensated each other. It should be noted, however, 
that these effects will become more significant for the denting of cylindrical 
members with high Llt and low Rlt ratios and, therefore, this analysis method 
is not directly applicable to tubular components of offshore structures. 
In order to facilitate a more comprehensive description of the analysis results, 
the magnitude of residual dent depth considered, for the unstiffened shells, is 
extended to 10 mm as shown in Fig 4.11. It is shown that the relationship 
between dent depth and corresponding denting load is fairly linear over a 
substantial range of damage. 
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As shown in Section 4.2.7, the analysis method required a numerical approach 
to evaluate the load-dent depth relationship, a direct calculation of the 
corresponding energy absorption is not feasible. Instead, a fifth order 
polynomial is used to represent the load-dent depth curve as shown in Fig 4.11. 
The area under the curve represent the magnitude of plastic energy absorbed 
during the generation of the damage which can be obtained by integrating 
the polynomial equation with respect to A r. The absorbed energy 
corresponding to different residual dent depth evaluated by this method is 
shown in Fig 4.12. 
Figure 4.13 shows the length of the mechanism, Lp. derived from the analysis 
and corresponding to various depths of residual dent. The basic assumption in 
the analysis is that the damage zone is formed by the planes intersecting with 
the cylinder. The planes are assumed to remain parallel as the damage 
increases. Strictly, then, the mechanism length should increase 
proportionally with the residual dent depth. It may be seen in this Figure that 
for dent depths greater than approximately 2 mm this in fact is the case. This 
depth corresponds to the development of biaxial stress state in the damage 
zone. However, in the minimisation process, the mechanism length was not 
constrained to be proportional to the dent depth and hence for low value of 
dent depth the basic assumption is violated and the load corresponding to dent 
depth may be some what over-estimated. 
Figure 4.14 shows the constituent of the total denting load derived from the 
analysis which confirmed the experimental observation that the membrane 
effect dominate the energy absorption mechanism of the damage process. The 
plastic bending action only responsible for a small percentage of the total 
denting load and remains almost constant with dent depths exceeding 2 mm. 
Figure 4.15 shows the constituent of membrane force which consist of the 
axial stretching and hoop contraction components. It can seen that there is 
virtual zero stretching until the dent depth exceeds 2 mm and at the same time, 
the increase in hoop contraction start to change. 
Figure 4.16 shows the constituents of the plastic bending force which 
comprise of the axial bending, hoop rotation and flattening components. The 
axial bending component starts with a magnitude greater than zero when the 
dent depth approaches to zero which is responsible for the non zero initial 
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denting load. This component after a distinct kink at about 3 mm dent depth 
starts to reduce slightly with increasing damage. The other two components 
start to increase from virtually zero load and become fairly constant at larger 
dent depths. 
Figure 4.17 shows the mean stress ratios of the damage zone in the axial and 
hoop direction. Axial stress remains almost ze ro until the damage exceeding 
2mm while the hoop compr essive stress ratio reduces from unity indicating 
the on-set of a true biaxial stress state in the damage zone assumed in the 
analysis. With dent depth exceeding 4 mm, this variation in stress ratio 
becomes virtually unchanged with further increase in d ent depth. 
4.4 Sensitivity Study 
By considering the various parameters involved in the analysis procedures, 
the calculation of the total denting load for a specific dent depth is dependant 
on the radius, thickness and yield stress of the cylindrical shell while the 
other variables are all evaluated as functions of these three basic parameters 
and, of course, the dent depth. The sensitivity study presented in this Section 
making use of the unstiffened shell's geometry as the base case and the effects 
of variation of some of the geometrical parameters are investigated. 
It can be shown easily that the denting load is directly proportional to the 
yield stress of the shell's material. In addition, with the geometrical design of 
the shell involved and the magnitude of dent depth considered, the analysis is 
well confined to a localised region of the cylinder's perimeter. The denting 
load is therefore not very sensitive to the change of shell radius as shown in 
Fig 4.18. On the other hand, the denting load for a specific magnitude of 
residual dent depth increase nonlinearly with increase in shell thickness as 
shown in Fig 4.19. Thickness of the shell skin is therefore the dominant 
geometry parameter governing the energy absorption capability of 
thin-walled cylinders when subjected to localised impact force. 
So far the analysis results presents for the unstiffened test model have 
assumed the cylinder to be infinitely long; that is, the length of mechanism Lp 
can extend without any constraint by the cylinder's end boundary. In 
practice, cylindrical shells employed in offshore installations are often 
partitioned by intermediate bulkhead or ring stiffeners. When the strength of 
139 
these stiffening elements is sufficiently strong, it will provide an axial 
constraint to the progression of the plastic mechanism and therefore affect 
the denting load characteristics. 
As shown in previous section, the procedures for evaluating the denting load 
for a specific dent depth involved trying a range of value of Lp until a 
minimum level has been obtained. Therefore if the length of the cylinder is 
longer than Lp, the corresponding denting load is a minimum and the 
evaluation procedures are valid. When the evaluated length of mechanism is 
longer than the length of the shell considered, the denting load is calculated 
by using the length of mechanism LP equal to the length of the shell. Figure 
4.20 shows the results of analysis by considering three shells of the same 
radius, thickness and yield stress as the unstiffened test model but with length 
equal to 48 mm, 72 mm and infinitely long. A substantial increase in denting 
load is experienced with reduction of shell length between strong end 
boundaries. It is the results from the analytical model of 48 mm long which 
should be compared with the test results of shell T9. Good correspondence of 
results have been obtained as shown in Fig 4.21 confirming the efficacy of the 
plastic mechanism method developed. 
4.5 Application of the Plastic Mechanism Method to 
Ring Stiffened Shells 
As shown in the evaluation procedures presented in previous Section, the 
analysis model is unstiffened, therefore the strengthening effect of stiffeners 
of the ring stiffened shells is not considered. No attempt has been made here 
to modify the analysis method to take into account this effect but instead, the 
plastic mechanism technique is used to assess the effectiveness of the two 
types of stiffening method employed on the models to resist local impact force. 
Investigations have been performed with radius, thickness and yield stress of 
material of the cylinder same as the ring stiffened test models but with two 
different lengths of the shell considered. 
The first one considered is a shell with infinite length therefore the length of 
mechanism derived from the analysis is free from the influence of end 
boundaries. This is analogous to the plain ring stiffened shells by ignoring 
the presence of the ring stiffeners. This assumption is based on the 
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experimental observations that the extent of the dented zone was far from the 
heavy end rings with the magnitudes of damage considered. The correlation 
with test results is shown in Fig 4.22. 
The other one assumed a limit length of the plastic mechanism LP equal to 24 
mm, that is the length of one bay of the T-ring stiffened test models. It is 
assumed that the ring stiffeners adjacent to the one directly un der loading are 
sufficiently strong to confine the damage within the centre two bays and 
therefore do not take part in the energy absorption process. The stiffeners 
provide a strong end constraint to the extension of the damage zone. and Fig 
4.23 shows the correlat ion of results. 
A good agreement between analysis and test results for the plain ring 
stiffened shells have been obtained with analytical predictions lying within 
the experimental data scattering band, It may be surmised that the energy 
involved in deforming the ring stiffeners is relatively small compared to that 
required to developed the plastic mechanism in the shell skin. The mechanism 
can therefore proceed seemingly unaffected by the presence of the ring 
stiffeners, provided they do not influence the shape of the damage zone, as 
indeed would appear to be the case here. 
As shown in Fig 4.23, the analytical prediction has underestimated the 
experimental results for T-ring stiffened shells over the whole range of dent 
depth considered. It is mainly due to the fact that the force required to deform 
the stiffener directly under the indenter has been ignored in the analysis. 
Nevertheless, it is evident from the correspondence of the slope of the 
theoretical curve and the test results that once the plastic mechanism is 
established, the analysis procedures presented are relevant. 
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4.6 Numerical Analysis 
As discussed in the Introduction of this Chapter, numerical techniques 
particularly the finite element method have merits in the analysis of 
structural problems such as those encountered in the current project. Indeed, 
there is a definite necessity for acquiring localised stress-strain information 
for the study of the fatigue characteristics of damage shells discussed at later 
Chapters. A finite element simulation of the damage process is therefore 
carried out. The following Sections present a brief review of finite element 
methods and its application in the analysis of thin shell structures. 
4.6.1 Finite Element Method 
The last 30 years have seen an enormous development in finite element 
method since the term "finite element" firstly introduced. With the immense 
advance in computer technology and development in solution algorithms, the 
finite element method has been applied to a wide range of fields, extending 
from solid mechanics, fluid mechanics, heat transfer, electromagnetism, 
seepage etc. where complexity of behaviour does not allow treatment by closed 
form theoretical solutions. It began as a numerical method of stress analysis 
and is still most widely use for this purpose. One of the most intriguing 
application of finite element method probably is in the analysis of shell 
structures where analytical solutions are limited in scope and in general are 
not applicable to arbitrary shapes, load conditions, irregular stiffening and 
support conditions, cutouts and many other aspects of practical structure 
design. The finite element method has consequently become prominent in the 
analysis of such kind of structures in view of the relative ease with which 
such complexities can be dealt with. 
Although finite element procedures have been applied to shell analysis for 
quite a long time, the search for suitable elements which are readily 
applicable to general shell structures is still in progress. The following 
Sections review some typical shell element formulations and the application in 
the field of nonlinear and buckling analysis. 
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4.6.2 Formulation of Shell Elements 
Nonlinear analysis of thin shells is one of the most complex phenomenon in 
structural mechanics. The analytical description of the structural response 
requires a high standard in the solution algorithms and also a profound 
knowledge of the fundamental characteristics of the structure. The 
investigation can be mostly based upon small strain, large displacement 
analysis with moderate to large rotations. Three distinct approaches to the 
finite element representation of shell structures have been employed based on 
(i) flat elements, (ii) curved elements formulated in the basis of various shell 
theories and (iii) elements derived from three-dimensional elements by the 
use of degeneration methods. Solid elements will require a very fine element 
mesh to give a reasonable length to thickness ratio and are seldom used. 
The first approach involves faceting the shell by plane elements, on to which 
a membrane stiffness is superposed. Results obtained were found to be 
satisfactory, but depending on the problem, very fine meshes had to be 
employed [refs 125 - 126]. A number of difficulties and shortcomings arise 
from the application to curved shells, such as the presence of discontinuity in 
bending moments, which do not exist in the continuously curved actual 
structure. 
In the second approach a classical concept is employed, whereby a shell 
theory is used as the starting point of the finite element formulation. 
Different shell theories have been developed from the three-dimensional field 
equations by incorporating various assumptions appropriate to the structural 
behaviour. A variety of finite elements with different degrees of complexity 
have been formulated for deep and shallow shells [refs 127 - 129]. Curved shell 
elements based on the Kirchhoff-Love theory guarantee a high solution 
accuracy but are complicated by convergence and compatibility requirements. 
In the case of a fully nonlinear analysis, additional difficulties arise in the 
formulation of efficient finite elements due to the unavailability of a general 
nonlinear shell theory. 
Falling into this category are the Semiloof shell elements which have been 
implemented in some well known commercial packages such as ANSYS, ASAS, 
and LUSAS. This type of shell element originated by Irons [ref. 130] allows the 
reduction of the number of degrees of freedom on the element level in which 
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the rotational degree of freedom are interpolated to one order lower than the 
displacements using the Loof sampling points. Spurious mechanisms are 
experienced particularly when one of the principal curvatures of the element 
is zero if the reduced integration scheme is employed. This deficiencies can be 
overcome by using full integration scheme which will require a finer mesh 
for a given structure but an over-stiff solution will result in some cases. In 
general, this element was shown to be robust and in many cases gives accurate 
solutions when used with care [refs 131 - 132]. 
The third approach employed in the formulation of shell elements avoids the 
complexities of fully general shell theories by discretising the 
three-dimensional equations of continuum mechanics. Isoparametric 
elements with independent rotational and displacement degrees of freedom are 
employed, in which the three dimensional stress and strain conditions are 
degenerated to shell behaviour. This procedure was originally introduced by 
Ahmad [ref. 133] for the linear analysis of moderately thick shells. It is 
nowadays usually considered that this formulation is the first generation of 
degenerated isoparametric shell elements. Although this type of element 
seemed very promising when it was introduced, difficulties later appeared, due 
to the degeneration process, as the thickness of the element was reduced. The 
results initially obtained with this 8-node Serendipity element by using a 
normal integration rule showed that the solution became increasingly stiff as 
the shell thickness was reduced [refs 134 - 135]. This so called locking 
phenomenon is exhibited by this element even in moderately thin situations. 
A great improvements of the model was achieved by the reduced integration 
technique but the elements exhibit increasing divergence i. e. locking occurs 
again. 
It was later on shown that the 9-node Lagrangian elements with performance 
superior to Serendipity elements were obtained when reduced or selective 
integration was adopted [ref. 136]. However, a serious problem may arise with 
this element when reduced integration is employed; the stiffness matrix 
exhibits rank deficiency which originates the appearance of spurious 
mechanisms, i. e. zero-energy modes. These communicable mechanisms may 
result in very erratic solutions, specially when the restraints imposed by the 
boundary conditions are minimal. This drawback is not exhibited by the 
8-node Serendipity with reduced integration. 
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The shortcomings pointed out above (locking and spurious mechanisms) led to 
the development of the Heterosis element [refs 134 - 135]. This 9-node 
quadrilateral element when used in shell analysis employed various 
combination of the Serendipity and Lagrangian shape function to the 
rotational and translational degrees of freedom. In general, this element 
exhibits improved characteristics when compared with each of the previous 
quadratic element. When selectively integrated, its stiffness matrix possesses 
the correct rank and the element does not lock at very low thickness. 
Adopting a uniform reduce integration, the element behaves better than the 
9-node Lagrangian, with the appearance of spurious mechanisms being 
improbable for practical applications. This type of shell elements has also 
been implemented in many commercial finite element packages such as 
ADINA, ABAQUS and SYSTUS etc. 
The degenerate concept of formulating general shell elements, has been 
adopted by many investigators. So far, the majority of shell elements 
developed for nonlinear analysis is based on the degeneration conc ept which 
is a strong indicator for the success of these elements. The search for better 
performing general shell elements has not stopped and immense effort has 
also been spent on improving the performance of those mention ed above. 
This Section is intended to give a general introduction of the most commonly 
used elements in shell analysis and the following Section reviews the 
formulation of the she ll elements in geometrical and material nonlinear 
analysis. 
4.6.3 Nonlinear Analysis Using Shell Elements 
The formulation for nonlinear analysis of shell structure using different 
types of elements are all very similar. It is generally assumed that even for 
thick shells, 'normals' to the middle surface remain practically straight after 
deformations. Furthermore, the strain energy corresponding to stresses 
perpendicular to the middle surface is disregarded, i. e. the stress component 
normal to the shell mid-surface is constrained to be zero in the constitutive 
equations. 
Nonlinear investigations of thin shell can be mostly based upon small strain, 
large displacements analysis with moderate to large rotations. In general an 
incremental approach is required applying the load stepwise because the 
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problem is highly nonlinear or path dependent. Besides this the entire 
load-deflection path is frequently desired. 
In geometrical nonlinear analysis either a Total Lagrangian or an Updated 
Lagrangian formulation can be used depending on the reference state, that is 
either the initial configuration or the configuration at the beginning of the 
next increment, is chosen. In shell analysis no preference for one or the 
other formulation can be observed although in some cases, it was shown that 
the Updated Lagrangian formulation is dependent on incremental size. It can 
handle larger strains and rotations (up to 10%) than the Total Lagrangian 
formulation but requires smaller increment sizes [ref. 137]. 
For material nonlinear analysis using shell elements, a multi-layer approach 
is usually adopted to monitor the progression of material yielding or cracking 
perpendicular to the shell surface. This procedure is the most versatile 
method which can employ various integration schemes using different 
number of layers such as Gauss integration, Simpson rule, Newton-Cotes 
quadrature formula or a piecewise constant stress profile over each layer. 
Alternatively, a more economic approach is to define the material law in stress 
resultants, rather than in stress as in the integral model. Ivanov or Ilyushin's 
yield surface may be used but in most cases are less accurate as the layered 
approach [refs 131,1381. 
4.6.4 Solution Strategies 
For nonlinear analysis, a direct solution of the nonlinear equations is not 
possible because they are far too large and complicated in most cases. Hence 
an iterative solution is usually adopted. The Full or Modified Newton-Raphson 
procedures are by far the most widely used iterative proc edures. The full 
Newton-Raphson technique converges quadratically if the trial solution for 
the initial iteration is close enough to the solution sought. In general it is 
more robust and reliable than the modified technique, but more expensive in 
computer time per iteration as the full tangent stiffness matrix has to be 
computed and factorised. This is a very expensive operation if the problem is 
large. The Modified technique involves fewer stiffness reformations where 
the stiffness matrix update on an accepted equilibrium configuration 
is 
therefore cheaper per iteration but more iteration will be required for 
convergence. And for some classes of problems, notably stiffening problems 
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and contact problems, it will very frequently diverge. There will, however, be 
some exceptional cases where the Modified method will converge when the 
Full method fails. This usually occurs in plasticity problems involving 
structures of low redundancy where the initial solution causes excessive 
yielding and if the redundancy is lost then the tangent stiffness will be 
singular (or nearly singular) and if using Full Newton-Raphson the solution 
will diverge. In this case the Modified technique may converge because it 
reuses a 'good' stiffness matrix. 
As an alternative forms of Newton iteration, a class of methods known as 
matrix update methods or Quasi-Newton methods has been developed for 
iteration on nonlinear systems of equations. These methods involve updating 
the inverse of the coefficient matrix to provide a secant approximation to the 
matrix from one iteration to the next. These Quasi-Newton methods provide a 
compromise between the full refon-nation of the stiffness matrix performed in 
the Full Newton method and the use of a stiffness matrix from a previous 
configuration as is done in the Modified Newton method. Among the 
Quasi-Newton methods, the BFGS (Brouden-Fietcher-Goldfarb-Shanno) method 
appears to be most effective [refs 139 - 142]. 
The Quasi-Newton methods often come along with line search methods [refs 
139 - 142] where the incremental displacement vector is updated by a scalar 
multiplier which is evaluated by attempting to minimise the potential energy 
in the current iteration direction. 
In some classes of shell analysis, it is well known that a critical load condition 
exists after which stable post-critical unloading as well as "snap -through" or 
"snap-back" behaviour may occur. In such cases, the regular load controlled 
Newton methods fails in the vicinity of a critical point. For shell structures 
exhibiting stable post-critical unloading and snap-through behaviours, a 
possible approach is by using displacement control with which loading 
is 
obtained as reaction at the displaced nodal point. Even so it is not possible to 
follow the loading path in snap-back situation and furthermore, in some cases 
using displacement control will violate the actual loading condition on the 
structure. This requires, in these classes of nonlinear shell analysis, 
additional constraint equations controlling the iteration p ath 
in the 
displacement and load space which is known as the arc-length method 
originally introduced by Riks and Wempner [refs 143 - 145]. 
In arc-length 
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methods the solution is constrained to lie either in a "plane" normal to the 
tangent to the equilibrium path at the beginning of the increment or on a 
"sphere" with a radius equal to the length of the target i. e. the arc-length [refs 
146 - 147]. The arc-length originally held constant from one increment to the 
other could be adapted to the structure's characteristic by automatic 
incremental step adjustment by methods for example proposed by Bergan [ref. 
148]. The unbalanced forces and the external force vector are adjusted in each 
iteration so that both vectors are orthogonal and when convergence is not 
achieved within a specified maximum number of iterations, the increment size 
is reduced. Although this method still experience some difficulties in the 
vicinity of bifurcation point where in some cases no real root of the quadratic 
constraint equation is found or the incorrect root is chosen in the loading 
p ath. These can be overcome by using the method with careful adjustment of 
the solution strategy and increment size with the aids of restart facilities. This 
arc-length method with automatic increment adjustment is a versatile 
iteration technique in the entire load range and allows to trace 
"snap-through" as well as "snap-back" behaviour. 
Generally, there will not be an unique solution scheme applicable to all kinds 
of nonlinear analysis of shell structures. It seems that a combination of 
several schemes, for example using the arc-length approach together with 
Quasi-Newton methods may be the most advantageous way. 
The present review of the finite element techniques for the analysis of shell 
structures is aimed at summarising the current development of this numerical 
method. It is indicated that the present technology can cope with a wide range 
of complex nonlinear thin shell structural problems with confidence. 
Nevertheless, a lot of effort is still required in the search of more advanced 
element formulations and solution strategies in order to improve the accuracy 
and efficiency of the analysis method. Equally important will be the stringent 
quality assurance for existing techniques and newly developed methods 
4.7 Finite Element Simulation of Damage Process 
The numerical analysis reported here was performed using LUSAS, a 
commercially available finite element package developed and supported by 
Finite Element Analysis Ltd (FEA). The decision to use LUSAS was made on the 
basis that practising engineers would prefer to use a fully documented and 
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validated package rather than one developed in a University for which there 
may not be a full support. In addition, coding new finite element routines will 
require extensive effort to develop new element formulations or solution 
strategies, to ach ieve improve efficiency. It is rather difficult to justify 
convincingly the value of preparing new finite e lement routines employing 
techniques that ar e already available in commercial packages. 
LUSAS was chosen because it was already mounted on the University of Surrey 
Prime computer system and because it had been subjected to a series of 
non-linear benchmark tests [ref. 149]. These tests included aspects of 
non-linear geometric deformations, modelling of boundary conditions and 
symmetry and incorporation of non-linear material characteristics in the 
analysis. Generally, LUSAS performed well in providing predictions of 
stresses and deformations which compared well with corresponding results 
from other forms of analysis. It should be noted here, however, that the 
application of LUSAS to the highly non-linear shell deformations in this 
research programme was not a straightforward matter. The analyses required 
significant understanding on the physics of the shell behaviour and very 
considerable expenditure in computer CPU time and storage space was 
involved, very much more than could be countenanced in an industrial 
context. The use of LUSAS was facilitated by PATRAN which acted as pre- and 
post-processor for the preparation and presentation of input data and detailed 
results. 
The analyses performed using LUSAS were essentially quasi-static with no 
dynamic effects being considered. This mirrored the physical test situation in 
which the cyclic loading rate was quite low for the denting test. Throughout 
the finite element investigation carried out in this dissertation, 8-node 
quadrilateral Semiloof shell elements of the type 'QSL8' have been employed, 
these being the most appropriate shell elements available in the package. The 
elements can accommodate generally curved shell geometry with varying 
thickness and nonlinear material properties. The formulation takes account 
both membrane (in-plane) and flexural (out-of-plane) deformations and, as 
required by thin shell theory, shearing deformations are excluded. It is based 
on an isoparametric approach with constraints to invoke the Kirchhoff 
hypothesis for thin shells. The variation of stresses within the elements can 
be regarded as linear. The elements are numerically integrated with a five 
point rule and pass the patch test for convergence for mixed triangular and 
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quadrilateral element geometry. 
Furthermore, the shell element is subdivided into five layers in order to 
monitor the stress/strain state across the thickness direction and Simpson's 
rule was used for the numerical integration process. Von Mises yield criteria 
together with Prandtl-Ruess plastic flow rule have been adopted which is the 
most appropriate and widely used for steel material properties. Geometric 
nonlinearity was also considered by using Total Lagrangian formulation, with 
its insensitivity to increment size, ought to be more reliable. 
4.7.1 Convergency Study 
Before moving on to the investigation of the damage process for the 
unstiffened shells and the ring stiffened shells using LUSAS, a crude 
convergency study had been performed. This was carried out by examining 
the buckling strength of the unstiffened test shells with fully encastred end 
condition under the action of axial compression. The major areas considered 
in this section were therefore mainly the magnitude of convergency limits 
defined and the fineness of mesh employed. 
For nonlinear analysis using LUSAS, five convergency criteria are involved 
which can be prescribed with a limit less than which, a converged 
equilibrium solution is deemed to obtained. The most relevant criteria in the 
current analysis are the limit for the sum of the squares of all the iterative 
displacements and the residual forces. As recommended by FEA [ref. 150], a 0.1 
- 1% of the total displacements and 0.1 - 5% of all the external 
forces are 
reasonable range of convergency limit and would in most cases give accurate 
solutions for geometrical and material nonl inear problems. These have been 
confirmed and discussed in Dyer's report [ref. 149] for problems of similar type 
as that investigated in this dissertation and therefore need not be repeated at 
the present time. The limit for these two convergency criteria was set to 1% 
and only the residual forces criteria will be eased when it is necessary to 
reduce the effort of computation in order to obtain a converged solution. 
The convergency study discussed therefore concentrated on the investigation 
of the refinement of the finite element mesh required to produce a reasonably 
accurate solution. This study was only carried out on the initially perfect 
unstiffened test shells which is fairly simple in geometrical configuration and 
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the corresponding judgment was assumed to be valid for the stiffened test 
shells with their complex geometry, for which a similar convergency study 
would be prohibitively expensive in computer time. 
The discretisation procedure of the shell circumference to finite element mesh 
was encompassed by the FEA recommendation that results may become 
unreliable if the angle subtended by an individual shell element is greater 
then ten degrees. In addition, the aspect ratio of an element used should be 
limited to less than three, above which convergency may be difficult to 
achieved although in many cases, an accurate solution can still be obtained. 
Furthermore, one element is seldom sufficient for the evaluation of the stress 
and deflection profile for nonlinear problems. Based on these requirements, 
the coarsest possible mesh was initially investigated, followed by subsequent 
refinement of the mesh in both the axial and circumferential directions. 
Figure 4.24 represented the optimum mesh for the unstiffened shells derived 
from the convergency study presented in the following section. The use of a 
quarter of the shell's perimeter in the circumferential direction was adopted 
in order to reduce the number of elements involved which in turn cut down 
the demand on computing facilities. Symmetry of the shell's circumference 
was therefore assumed. This was based on the experimental observations that 
the effect of damage was very localised and had effectively disappeared at 
a bout 450 of the damage zone. As shown in this and later Chapters, the effect 
of the damage was also localised to the dented region and the surface outside of 
the damaged shell beyond 450 behaved very similar to their undamaged 
counterpart, when subjected to external loading. It would therefore allow the 
application of symmetry condition for the finite element mesh modelling. 
When the damage is very severe, it may be the case that the affected zone will 
become very extensive and will jeopardise the quarter shell symmetry 
conditions and require half of the shell's perimeter to be modelled. 
In addition, only half length of the shell had been considered. The assumption 
is that the behaviour was symmetrical about the mid-section of the shell and 
therefore in total only one eighth of the shell circumference needed to be 
considered. 
The evenly spaced mesh modelling in the circumferential 
direction was 
adopted for the possibility that constant axial stress loading may 
be used for 
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subsequent ultimate and stress distribution analysis which can be handle very 
much easier for the evaluation of apply load at the nodal points. Nevertheless, 
stress loading have never been used in the subsequent analysis due to the 
extraordinary deformation at the damage zone causing a violation of the 
boundary conditions of the test models. This deficiency have also been 
experienced by Onou friou [ref. 83] during her finite element study of the axial 
collapse strength of damaged cylinders. 
During this convergence study, axial compression was applied by using 
incremental uniform end shortening at one end of the finite element mesh 
while symmetrical condition was imposed on the other three free edges, as 
shown in Fig. 4.24. The complete loading path was then traced, including the 
ultimate and post-ultimate stage. The critical load levels, after which 
unloading was experienced, for all the different mesh modelling were then 
compared in order to arrive at an appropriate finite element modelling which 
allowed a compromise between accuracy of analysis results and demand in 
computing facilities. Ideally, the convergence study should be performed on 
the simulation of a denting test which would provide a more relevant loading 
situation for this Chapter and the validity for the quarter shell modelling 
approach could be assessed. Due to the complexity of loading and unloading 
procedures of the corresponding simulation process involved, time prevented 
such an exercise. It was therefore assumed that the outcome of this 
convergency study would be valid for both the simulation of the denting test 
and the subsequent loading process on the damaged shells. Nevertheless, as 
shown in later Sections, fairly good correlation between experimental and 
analytical results were obtained by using the finite element mesh derived 
from the convergency study, confirming the value and the validity of the 
current exercise. 
4.7.2 Results of Convergency Study 
As shown in Table 4.1, the convergency study include combinations of twelve 
mesh modelling consisting of various numbers of elements in the longitudinal 
and circumferential direction. A typical trace of the load-shortening path is 
shown in Fig. 4.25 which is virtually identical for. all the twelve analyses. The 
deformation profile was, as expected, axisymmetric in nature for all the 
different meshes and the locations of the axisymmetric bulging area, which 
was responsible for the collapse of the shell, were almost all at the same 
152 
section, as shown in Fig. 4.26. 
It can see from this Figure that with only two elements in the axial direction, 
the finite element analysis had difficulty in approximating the deformation 
pattern near the bulging area. For other meshes, with more than two 
elements in the axial direction, the evaluated deflection profiles were 
satisfactory. Also shown in Fig. 4.26, it appears that increasing the number of 
elements in the circumferential direction had no effect on the deformation 
profile of the finite element models. In fact, as shown in Table 4.1, the 
ultimate axial strength for all the different finite element meshes were 
virtually identical. The maximum different in the results was less than 0.5% 
which indicates that even with the coarsest mesh, the analysis results were 
very consistent despite the crude approximation of the deformation profile. 
Nevertheless, as shown in Fig. 4.27, finite element meshes with more than two 
elements in the axial direction exhibit excellent agreement of results between 
analysis using different number of elements in the circumferential direction. 
Despite the small variations in the ultimate collapse load, the finite element 
meshes with only two elements in the axial direction show greater 
discrepancy of results. Based on the results of this study, it can be concluded 
that for the types of cylindrical shells investigated in this dissertation, four 
elements in the axial direction should be quite sufficient for a satisfactory 
approximation of the rather localised deflection profiles induced by the types 
of loadings involved. For areas where deflection are less severe, fewer 
elements can be used in order to cut down the total number, which in turn 
reduces the computer processing time that will be required. 
In the circumferential direction, nine elements will be sufficient for the 
analysis but the number of elements used is mainly governed by the damage 
simulation procedures as described in next Section. Since the maximum dent 
depths introduced to the test models were less than 10 mm, the use of eighteen 
elements in the circumferential direction appears to be the optimum which 
will allowed adequate number of data points for tracing the load-dent depth 
path whilst excessive number of analysis r-un can be avoided. 
The finite element meshes for the three types of test shells which will be used 
throughout the subsequent numerical analysis are shown in Figs 4.28 to 4.30. 
In general, eighteen elements were used in the circumferential direction and 
four elements were used in the axial direction at regions near the dent section 
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for all the test models. For the plain ring stiffened shells, the number of 
elements in the axial direction are reducing for bays away from the 
mid-section since it was expected that the deformation in these two bays will 
be less severe than the mid-section bay, particularly when damage is 
introduced at the mid span of the models. Similar approach was adopted for the 
T-ring stiffened shells. 
The eight-noded Semiloof shell element was also used for the stiffener of the 
ring-stiffened shells. Only one element was used for the plain ring stiffener 
and the web of the T-section ring stiffener whilst the flange of the T-section 
stiffener was modelled by two elements, one on each side of the stiffener web. 
Beam type element with equivalent cross-section area, bending and torsional 
stiffnesses have been used by some researchers to simulate the ring stiffeners. 
This reduces the total number of degree of freedom of the analysis 
substantially. In the current investigation, this approach was not used 
because a concerned is that the beam type element available in the finite 
element package used did not allow progressive yielding of the cross-section of 
the stiffener. Instantaneous yielding of the element cross-section will in 
many cases create additional difficulties in achieving a converged equilibrium 
solution. This is particularly the case for the T-ring stiffened shells for which 
damage was inflicted directly on top of one of the stiffener. 
For the T-section stiffener situated at the mid-section symmetry plane, the web 
was reduced accordingly to half the total thickness and the appropriate 
symmetry boundary condition were applied at the nodal points of the elements 
involved. Only one side of the flange needed to be simulated. 
4.7.3 Damage Simulation Procedures 
The main task of the current analysis was to generate a straight line damage 
on the finite element modelling of the shell to simulate the effect of the 
indenter bar on the shell. The finalised mesh for the unstiffened shells is used 
to assist the description of the damage simulation process and the 
corresponding boundary conditions at this stage are the same as shown in 
Fig. 4.24. The procedures for generating the damage, irrespective to the actual 
finite element mesh modelling used, are summarised as follows: 
154 
During the loading stage, the nodal point at A on the mid section of the shell 
model as shown in Fig. 4.31 was prescribed to displace in the negative y 
direction, i. e. radial inwards, by an amount to take its deformed y-coordinate to 
the same level of the adjacent nodal point, point B in the finite element mesh. 
One increment of damage had thus been achieved and the load reaction at 
point A was taken to be the load required to generate this level of damage. 
The nodal point, point A at its deformed co-ordinate, together with the adjacent 
nodal point, point B, were then prescribed to displace in the negative 
y-direction so that nodal points A, B and C were at the same level of 
y-coordinate. The total reactions at nodal points A and B then gave the loading 
at this level of damage. 
Continuation of the incremental procedure described above was carried out 
until the desired amount of damage had been reached and the loading path 
could then be traced. 
This procedure could also be used to generate a damage depth which was 
somewhere in between two adjacent nodal points but it was more convenient to 
have the nodal points displace one full increment, especially when the 
unloading process was to be simulated in an effort to obtain the residual dent 
depth at a particular loading damage level. 
For the unloading stage, if at any time it was desired to obtain the residual 
damage at the particular load level, the relevant nodal points were prescribed 
to displace in the reverse direction, i. e. the positive y-direction, by an amount 
that would result in the reactions at all those nodal points to become zero. This 
simulated the total unloading process of the damage phase and the 
corresponding damage was taken as the residual dent depth corresponding to 
the specified level of damage. The stress distribution at this unloaded state was 
considered to be the residual stress frozen in the model at this particular dent 
depth. 
This unloading process in general required considerable trial and error 
before the correct amount of reverse displacement of the nodal points could be 
obtained and in fact consumed most of the computing effort. Furthermore, 
perfect unloading was almost impossible to achieve, even with a very large 
number of trials. Therefore, to reduce the effort, a practical level of 
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unloading at the individual nodes was set. Thus, once the residual forces was 
less than three percent of the applied forces, the unloading process was 
terminated and satisfactory unloading was considered to have been achieved. 
In addition, since the number of trials was also proportional to the number of 
nodal points involved, a complete trace of the loading and residual damage 
relationship was very time consuming to obtain. In the analyses performed in 
this project only a few unloading processes were carried out. Nevertheless, 
sufficient analytical information was generated, corresponding to the 
magnitude of residual damage imposed on the test models, so that comparisons 
can be made between the analytical predictions and the corresponding test 
results. 
Alternatively, the damage process can be approximated by using special 
gap-contact elements, with or without friction, to simulate the gradual contact 
of the indenter with shell surface, which is also available in package. This 
was quickly eliminated as a practical simulation strategy due to the complexity 
of adopting the contact elements in the analysis using LUSAS. Furthermore, 
convergency was difficult to achieve even with a generous convergence 
criteria due to the fact that additional source of nonlinearity was introduce by 
incorporating the nonlinear contact element in the analysis. 
By using the simulation approach described, the necessity for the development 
and adoption of special finite element formulation was eliminated. In fact, a 
similar appr oach has been adopted by other researchers for similar 
requirements [refs 4.23 - 4.24] and promising results have been achieved. 
Nevertheless the actual damage process was a contact problem and exact 
simulation wa s difficult to achieve using available finite element packages. 
4.8 Results of Finite Element Analysis 
The numerical analysis using the finite element method discussed in this 
Section was carried out following the procedures described in the previous 
Section and the mesh modelling were those shown in Figs 4.28 - 4.30. The 
presentation of analytical results are confined to the load-deflection 
relationship of the denting process which is the major concern of this 
Chapter. The stress/strains distribution encountered by the damage shells 
during the analytical simulation will be discussed in Chapter 8 where 
correlation with experimental results is presented. 
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The magnitudes of damage considered in the analysis are limited to a range 
just sufficient to encompass that imposed on the test specimens. There is no 
attempt to extend this range which will not only jeopardise the symmetry 
condition employ in the finite element modelling, but will also increase the 
amount of computing effort substantially. 
There also has been no intention to extent the range beyond which, without 
experimental results, validation of the accuracy cannot be easily justified. 
Nevertheless the magnitude of damage imposed on the cylindrical shells 
appears to be akin to that which will be experienced by their full scale 
counterpart. As indicated by a recent publication, the worst damage recorded 
due to supply boat impact on floating type of offshore installations is about 6% 
of the cylindrical member's diameter. [ref. 1511 
The primary objective of the analysis presented here is to assess the efficacy 
of the finite element package, the simulation approach and the adequacy of 
the mesh density, in handling such a highly nonlinear problem. The 
reliability of the more detail investigations of the localised stress/strain 
distribution in damaged shell discussed in Chapter 8 will depend on the 
satisfactory outcome of this Section. It is also intended to obtain from the 
deformation characteristics some insight of the energy absorption mechanism 
of the cylindrical shells to resist localise impact loading, which may be acted 
as a validation of the assumption proposed during the development of the 
plastic analysis techniques presented in previous Sections. 
4.8.1 Unstiffened Shells J2, T4, T6 to T8) 
Figure 4.32 shows the measured values of the loading dent depth plotted 
against the corresponding applied load together with the numerical 
predictions for the unstiffened shells. The analytical predictions lie just above 
the experimental result scatter band with very good correlation at smaller 
dent depth. With larger dent depth, the agreement of results seems to diverge 
but the finite element predictions still provide a close agreement with the test 
results. The value of the residual dent, ie. the dent depth remaining after 
removal of the load, is shown in Fig. 4.33, plotted against the corresponding 
load. The results obtained from the plastic mechanism method discussed in 
Section 4.3 is also shown together with the results obtain from the finite 
element analysis. Again very good correspondence of results have been 
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obtained despite the characteristic that the slope of the numerical result is 
reducing with increasing residual dent depth. 
A similar trend has also been experienced with the measured values of loading 
dent depth is plotted against the residual dent depth shown in Fig. 4.34. 
The small discrepancies in numerical and experimental results are mainly due 
to the simplifications inherent in the assumptions of the boundary and initial 
conditions adopted in the finite element modelling. Firstly, the end rings were 
assumed fully encastre in the numerical modelling which will impose very 
high membrane straining in the axial direction whilst the end rings in the 
test specimens were free to rotate and are maintained in position only by the 
undamaged circumference. This is particularly the case when the damaged 
region extended to reach the end ring at larger dent depths. Nevertheless, 
since the damaged region only constitutes a small proportion of the shell skin 
and the rest of the undamaged circumference provides a very strong 
restraining action to the rotation of the end rings, the assumption of a fully 
encastred end condition for the numerical model is therefore an acceptable 
simplification. Ideally, the finite element model should considered 1800 of the 
shell circumference together with the application of complex restraint 
conditions which allow global rotation of the end as whole by using 
multi-point constraint (MPC) which is available in some other more 
sophisticated finite element packages. 
Another factor which may contributed to the slight discrepancies of results is 
that the finite element modelling considered the test shell to be stress free 
initially. This assumption is quite acceptable for most of the shell 
circumference which was subjected to stress-relieving. The end boundary, 
where the final welding of the cylindrical can to the heavy end rings 
occurred, the initial stress may have built up and could lead to discrepancy 
between the finite element modelling and the test specimens. These two 
factors may have effects compensating each other but it is expected that the 
overestimation of the boundary strength would have the stronger effect. 
A final but perhaps negligible contribution to the difference in results is due 
to the fact that the finite element model assumed perfect conditions of the 
shell skin whilst the test specimens experienced inevitably imperfections 
due 
to the fabrication processes. Since the denting tests involved bending action 
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and membrane action without the danger of buckling and therefore is rather 
insensitive to deviation from perfect shape, the contribution will be 
negligible. 
Despite these discrepancies between the finite element modelling assumption 
with the real situation of the test specimens, it is very encouraging that the 
finite element package can cope with the large elastic and plastic deformation. 
Moreover, the method of simulating the contact loading between the 
knife-edge and the shell skin seems also be verified by examination of the 
damage zone of the finite element simulation as shown in Fig. 4.35. At the 
maximum magnitude of 4.15 mm residual dent depth considered in the 
numerical analysis, a straight line dent was successfully generated at the 
mid-section. The bulging at the end of the dent line can be seen to be rather 
localised even at four times magnification of the deformed shape. The profile 
of the damaged zone at true scale, Fig. 4.36, shows excellent resemblance to that 
of the test specimens with the flat surface enclosed by clearly defined 
boundaries. These characteristics substantiated the test observations that 
immense membrane actions take place within the damage zone which is 
responsible for absorbing most of the imposed impact energy whilst localised 
bending action taking place at the damage zone boundary during each 
successive denting load application. 
4.8.2 Shell TIO 
In addition to the above numerical simulation of the dent test carrying out 
using knife-edge type indenter, a similar analysis was also been performed for 
the unstiffened models indented with loading applied through a ball shape 
indenter, Shell TIO. The applied load was simulated by a concentrated load 
applied on the shell surface using prescribed displacement control at the 
nodal point at the intersection of axial and mid section symmetry line. In this 
case, there is no concern about the increment size of displacement and 
therefore, it is prescribed to the exact value as the test model. Unloading is 
only performed at the last increment to generated the final residual damage 
condition, which sufficient for the purpose of comparing results. 
As shown in Fig. 4.37, the numerical results lie just above the experimental 
result with very good correlation. The upper bound characteristics of the 
analytical prediction may inevitably be due to the assumption of the fixed end 
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condition of the finite element modelling. The simulated magnitude of residual 
dent of 4.32 mm, unloaded from the maximum loading level also shows very 
good agreement with the experimental results of 4.19 mm, with a difference of 
about 3 %. 
The resemblance of the deformation profile, as shown in Fig. 4.38, is not so 
clear in this case. Nevertheless, the smooth interface between the damage 
affected zone with the undamaged area shown good agreement with the test 
specimen. 
4.8.3 Plain Ring Stiffened Shells 
In quite a similar manner with the numerical investigation for the denting 
test of unstiffened shells discussed at Section 4.8.1, fairly good agreement 
between experimental and finite element results has been obtained for the 
plain ring stiffened shells as shown in Figs 4.39 - 4.41. 
The correlation of results at smaller dent depth is even better than that shown 
in Figs 4.32 - 4.34 for the unstiffened shells, despite the trend for some 
divergency of results at larger dent depths. These characteristics apply for 
both cases when the applied loading are plotted against the loading and 
residual dent depth. 
In addition to those factors mentioned in Section 4.8.1 that lead to the 
divergency of, results at larger dent depths for the unstiffened shells, an 
additional factor also has to be considered. In the finite element modelling, 
the geometry of the ring-stiffeners is assumed perfect which is inevitably a 
simplification of the real situation in the test models. This idealisation of the 
stiffener in turns lead to an overestimation of the resistance to twisting of the 
stiffener and therefore its contribution to the energy absorption capability. It 
also leads to delay of the extension of the damage zone across the stiffeners as 
the dent depth increases progressively. The complexity involved in 
measuring the out-of-plane deflection of the ring-stiffeners during the 
experimental investigation becomes a slight draw back to the current 
analytical study such that comparisons between results cannot be made. 
Nevertheless, the deformation shape of the damaged zone with a residual dent 
depth of 4.9 mm generated from the finite element simulation has very good 
agreement with the test models, as shown in Fig. 4.42. It can be observed that 
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significant twisting of the stiffeners near the dent line has occurred whilst 
the rotation of the stiffen near the end bay can also be clearly noted in the 
numerical model at three times magnification. At true scale shown in Fig. 4.43, 
the clearly defined damaged boundary and the flat damaged zone including the 
stiffener near the dent line, agreed with the experimental observations. The 
plain ring stiffener with its relatively lower torsional rigidity will not provide 
significant benefit for the stiffened shell to resist localise impact loading. 
4.8.4 T-Ring Stiffened Shells 
Numerical investigations were also carried out for this type of stiffened 
cylindrical shells. As shown in Fig. 4.44 in which the applied load is plotted 
against the loading dent depth, there is very good correlation between 
experimental and analytical results. The correlation at smaller dent depths is 
not as good as at larger dent depth which is quite the opposite to the 
unstiffened and plain ring stiffened shells. This characteristic is even more 
apparent when the applied load and loading dent depth are plotted against the 
residual dent depth as shown in Figs 4.45 and 4.46 respectively. It appears that, 
the finite element analysis underestimates the bending stiffness of the 
T-section stiffener which is mostly responsible for the energy absorption at 
the early stage of the dent test during which membrane action of the shell 
panel has not been fully developed. The cause for this discrepancy may be due 
to an insufficient number of elements being employed in modelling the web of 
the T section stiffener. With only one element in the radial direction and 
therefore two integration points for stress/strain evaluation, full plasticity of 
the stiffener cross section may occur prematurely. This problem is less 
significant for the flange of the stiffener where five integration points are 
provided across the thickness. Unfortunately, the bending stiffness of the 
flange only constitutes a small proportion of the total bending stiffness of the 
stiffener. 
Once yielding has extended through the cross-section of the stiffener of the 
test model, membrane action of the shell panel will become more dominant in 
absorbing further increase in impact energy. It is at this stage as shown in 
previous two Sections that the finite element modelling is very effective in 
simulating this type of energy absorbing action of the shell panel. Numerical 
predictions begin to converge towards the experimental results and good 
correlation has been obtained with higher magnitudes of damage. 
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Despite the discrepancy of results at the early stage, the deformation profile 
obtained from the numerical analysis at a residual dent depth of 5.72 mm 
shows very good resemblance to that of the test model. As shown in Fig. 4.47, 
with three times magnification, very small radial deflections have been 
experience by the stiffener near the end boundary and the membrane action 
mostly takes place at the panel contained between the two stiffeners. A rather 
distinct change of slope of the damage region at the junction of the unaffected 
stiffener and the flattened shell panel endorses this observation. Without any 
magnification, the deformed stiffener at the load application section 
interfaces much smoother with the region outside the damage zone, as shown 
in Fig. 4.48, which is also in line with the deformation shape of the test shell. 
4.9 Conclusions 
In this Chapter, an analytical study using plastic mechanism and finite 
element methods have been carried out successfully in the investigation of the 
behaviour of cylindrical shells, involved in the experimental programme, 
when subjected to localised impact loading. From both methods, good 
correlation between analytical and experimental results have been obtained. 
As highlighted in the Introduction of this Chapter, the plastic mechanism 
method, after the initial implementation stage, is very efficient in use and is 
most suitable for parametric studies. The plastic mechanism method presented 
in this Chapter gives very good prediction on the load-deflection relationship 
for the unstiffened shells. The mechanism and the criteria mostly responsible 
for the absorption of localised impact energy have been identified. With a 
limited success, the formulation developed can also allow reasonable 
prediction for plain ring stiffened shells in which the stiffeners contribute 
negligible benefit for impact energy absorption. In a rather conservative 
manner, by ignoring the existence of the stiffener at the loading section, the 
plastic mechanism method can also be used for the estimation of the energy 
absorption capability of T-ring stiffened shells. Unfortunately, the plastic 
mechanism method, due to its inherent limitation, can only provide analytical 
investigation for the residual damage that will be induced after collision has 
been taken place. During the event of collision both elastic and plastic action 
is involved, and the plastic mechanism method assuming rigid-elastic 
perfectly plastic properties of the shell material is not valid. Also, the plastic 
mechanism cannot provide a detail description of the localised stress/strain 
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distribution at the damage zone, with which information can be used for 
fatigue integrity assessment. It is these areas, where the finite element 
method becomes the preferred technique. 
In this Chapter, numerical analyses using the finite element method have 
been carried out successfully in simulating the denting test. . The finite 
element package used, the simulation procedures developed and the mesh 
modelling adopted all seem to be satisfactory and capable of handling the 
highly nonlinear behaviour of the problem. The presentation of stress/strain 
predictions are deferred until a later Chapter. Judging by the good agreement 
between analytical and experimental results in load-deflection relationship 
during the dent test, it is very encouraging that the finite element techniques 
adopted in this dissertation will provide reliable analytical simulation of the 
collision scenario. 
Nevertheless, the application of the finite element method for the 
investigation of the type of analysis discussed in this dissertation will call for 
extensive computing facilities both in software and hardware. In fact, the 
analysis for the T-ring stiffened shells almost reaching the limit of the 
computing facilities available at the University. The finite element method is 
therefore more suitable for detail study of a specific scenario and not suitable 
for parametric studies. The geometry of the shell and the magnitude of 
damage considered in this Chapter therefore have to be confined to those 
involved in the experimental programme. On the other hand, the analytical 
investigation presented in this Chapter provide further enhancement and 
endorsement for the observations made during the experimental investigation 
on the energy absorption mechanism when cylindrical shells, unstiffened and 
stiffened, subject to localised impact loading. 
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Number of 
Elements in 
Number of Elements in 
Circumferential Direction 
Longitudinal 
Direction 
9 
(Cya/cyoc) 
18 
(19 a/CT o c) 
36 
(Ga/(Toc) 
2 0.9410 0.9439 0.9406 
4 0.9434 0.9436 0.9435 
6 0.9418 0.9418 0.9419 
8 0.9406 0.9406 0.9407 
Table 4.1 Results of Convergency Study. 
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CHAPTER 5 
QUASI-STATIC COLLAPSE TESTS 
5.1 Introduction 
In order to evaluate the effect of simulated damage on the strength of shells 
when subjected to external loading, a series of quasi-static collapse tests has 
been carried out. The tests involved both damaged models, which were 
retrieved from previous denting tests as described in Chapter 3, and 
undamaged models which would provide a basis for comparison. These shells 
were subjected either to pure axial compression or the combined action of 
external pressure and axial loading. 
Four of the unstiffened shells were tested under pure axial compressive 
loading and two others were tested under combined loading condition with a 
constant hydrostatic pressure of 0.4 N/mm2. 
Shells C9 and C12 were tested in an intact condition with a constant hydrostatic 
pressure of 0.155 N/mm2 and 0.5 N/mm2 respectively. Shefl CIO was tested in a 
damaged condition with applied pressure identical to Shell C9. The plain ring 
stiffened Shells, R1 and R2, were intended to be tested with a constant 
hydrostatic pressure of 0.5 N/mm2. 
The applied hydrostatic pressure for the two T-ring stiffened Shells, R3 and R4, 
were 1 N/mm2 and 0.5 N/mm2 respectively. The models were all subjected to 
damage at mid-length. 
The condition of the models before collapse tests and the test results are 
summarised in Tables 5.1 - 5.3. The test results for all the models, damaged or 
undamaged are also shown in Figs 5.1 - 5.3 in the form of interaction graphs 
with the critical experimental axial and hoop stresses normalised by the 
corresponding shell panel's material compressive yield str ess. 
The following Sections described the test equipment and procedures followed 
by the test results and observations of each shell. 
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5.2 Collapse Tests Equipment and Procedures 
The collapse tests on the models, damaged or undamaged, were carried out by 
using a hyperbaric structural testing facility comprised a self reacting frame 
and a high pressure chamber as shown by Fig. 5.4. Each element is capable of 
independent operation and for models tested under axial loading alone, the 
testing rig was used without the pressure chamber. 
The frame has five columns of rectangular hollow section welded at 
equiangular pitch onto an annular ring at the column tops and a segmented 
ring at their mid height. Each column is fastened to the base of the self 
reacting frame by a heavy rectangular bolted flange. Enclosed by this cage of 
columns and bolted securely to the base plate is an Instron servo hydraulic 
actuator. Mounted on the top annular ring and aligned by five adjusting bolts 
to be concentric with the axis of the actuator ram is a 150 mm thick arinular 
flange on which is located the model end mounting plate. 
The bell shaped pressure chamber has a working pressure of 2000 psi 
(13.8N/mm2). The high working pressure of the vessel makes it eminently 
suitable to conduct buckling studies as the inflexibility of the boundaries 
ensured that the compressive energy released from the pressurising agent 
when the model failed limited the structural deformation. 
The axial compressive load applied to the model was transmitted from the 
actuator ram by means of the loading head assembly shown in the diagram 
Fig. 5.5. The assembly was dimensioned to take a static and dynamic tensile load 
of 500 kN. Essentially it comprises a circular loading plate and a special cap 
coupling, compatible with the Instron ram, connected by a transmission shaft. 
To accommodate the inevitable small errors in parallelism of the model's 
location faces, the circular loading plate was able to swivel on the 
transmission shaft by means of a special nut mated to a spherical faced washer 
located within the top housing. 
The test shell was fitted to the location spigot of the rig's mounting plate, 
shown by Fig. 5.6, and secured to it by cap screws. 
The lead wires of strain 
gauges on the internal surface of the shells were then connected via 
the 
integral looms of the rig to the data loggcr. The loading head assembly, shown 
by Fig. 5.5 was then lowered onto the model and secured to 
it by cap screws. 
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Where strain and/or crack detection gauges were to be monitored on the shell 
external surface during combined loading test, the pressure chamber was 
lowered onto supports and the leadwires from the instrumentations were 
drawn up through the chamber and soldered to a special gland. The pressure 
chamber was then lowered onto its mating flange and secured by means of 
twenty 2 inches diameter stud bolts. Leads were then connected from the rig's 
strain gauge harnesses to the external pins of the special gland. 
In this series of tests, water was used as the pressurising agent for models 
tested under combine loading conditions. The loading provided by pressurised 
water is approximate to displacement control which can give a better 
indication of the mode of buckling initiation and is therefore very suitable for 
collapse tests. For the combined loading tests, the hydrostatic pressure was 
applied initially until reaching the prescribed level and axial compression was 
then superimposed on the models. 
5.3 Collapse Tests of Unstiffened Shells 
5.3.1 Pure Axial Compression Test of Undamaged Shell TI 
The undamaged model, Shell T1, was tested under pure axial compression 
essentially to provide a benchmark against which to measure the effects of 
various forms of damage. The shell surface was sprayed with brittle lacquer 
intended to obtain a qualitative picture of the bending strains arising from the 
deformation of the shell. Strain gauge rosettes were affixed to the shell on the 
inside and the outside surfaces at mid-length and at 1200 intervals round the 
circumference. Fig. 5.7 shows the failure mode of the shell; essentially an 
axisymmetric bulge formed at about 12.5 min from the top support. At the 
failure load of 205.4 kN the axisymmetric deformation buckled into the regular 
twelve lobe mode as shown in the photograph. The load carrying capacity of 
the shell reduced dramatically following the attainment of the failure load. 
The outward bulging was seen clearly in the brittle coating on this model at a 
loading of 190 kN with a circumferential crack exhibited at the bulge section, 
indicating significant local bending. Shear type cracks running at 450 to the 
circumferential crack were also observed just before the model collapsed 
indicating that material in the bulge was under a state of bi-axial stress. 
Figure 5.8 shows the strain values in the longitudinal direction at the three 
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strain gauge positions and the little scatter of the membrane strains confirmed 
the uniformity of load application during the collapse test. Figures 5.9 and 5.10 
shows the surface strain values in the longitudinal and circumferential 
directions respectively, monitored at position 3300 from the datum. The results 
shown are also representative to the other two gauge positions. The nominal 
values are those corresponding to the stresses obtained by dividing the loads 
by the nominal cross-sectional area. It is evident that there was some small 
amount of bending through the thickness of the shell but the strain level was 
still below the material's yield strain when buckling occurred. 
Radial deflection measurement at a position next to those strain gauges all 
indicated a small outward deformation of the cell circumference with the 
maximum radial deflection less than 0.1 mm, just before the shell buckled. 
5.3.2 Pure Axial Compression Test of Damaged Shell T2 
This shell had been dented at mid-height to a depth of about five times the 
shell thickness. It was subsequently subjected to a slowly increasing axial 
compressive load until failure occurred at 178 kN. Figure 5.11 shows the 
deformed shape of the model before the collapse test and Fig. 5.12 shows the 
failure mode; it is evident that the dent had increased in depth slightly and 
that the failure had been caused by the development of an axisymmetric 
buckle near the end of the shell. Indeed, at positions other than at the dent, 
the shell behaved substantially as the undamaged Shell Tl. 
This is confirmed by membrane strain values interpreted from strain gauge 
rosettes placed at 600 and 1800 from the dent centre line, see Fig. 5.13 Also 
shown in the figures are some values obtained from strain gauges attached to 
the shell in the dented zone. It is evident that the damage zone is incapable of 
carrying any axial load. 
Radial deflection measurements at mid-length of the model at various positions 
reflected some antisymmetric mode of deflection with the 
dented region 
deflected inward while the rest of the model deflected outward throughout the 
test, Fig. 5.14. 
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5.3.3 Pure Axial Compression Test of Damaged Shell T9 
This shell had been dented by applying the knife-edge indenter at a quarter 
point in the length. Fig. 5.15 shows the initial deflected shape and Fig. 5.16 
shows the corresponding deformation subsequent to the shell being loaded in 
axial compression until failure occurred at 162.5 kN. In the latter photograph 
the end rings have been removed. 
The failure mode consisted of 10 periodic lobes identically formed around the 
shell approximately aligned circumferentially with the dent. During the 
buckling process the boundaries of the dent extended from the initial position, 
marked by the white triangles, to a width consistent with the width of the 
buckled lobes. 
5.3.4 Pure Axial Compression Test of Damaged Shell T10 
This shell had been damaged by applying a ball-shaped indenter to 
mid-height. Figure 5.17 show s the deformed shape prior to applying 
compressive loading. Figure 5.18 shows the corresponding mode after collapse 
had occurred at 187.5 kN. The dent may be seen to have developed but 
essentially the failure mode is in the form of an axisymmetric outward buckle 
deformation close to the top end constraint. 
5.3.5 Combined Loading Test of Undamaged Shell T3 
This undamaged shell was subjected to combined loading of external pressure 
and axial compressive loading. The pressure was applied initially as a 
hydrostatic pressure, slowly increased to a value of 0.4 N/mm2. Thereafter, the 
pressure was held constant at this value and the axial compressive 
load slowly 
increased until collapse occurred at 154 kN. The collapse was accompanied 
by 
a sudden development of large deformations which was audible 
from outside 
the hyperbaric chamber. 
The model buckled with twelve periodic lobes of 
inward deflection around the 
perimeter of the shell and spanned from one 
boundary constraint to the other. 
Figure 5.19 shows the collapse mode of the model which was quite typical 
for 
cylindrical shells with similar geometry subjected to combined 
loading of this 
kind. 
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5.3.6 Combined Loading Test of Damaged Shell T4 
Shell T4 had been damaged to a residual dent depth of 3.9 mm and the initial 
hydrostatic pressure applied on this model was same as the previous 
undamaged Shell T3 i. e. 0.4 N/mm2. Collapse of the model occurred at a 
superimposed axial load level of 110 kN with periodic lobes of inward 
deflection formed on either side of the damage zone each covering 
approximately 300 of the circumference. There was no sign of any extension 
to the dented zone after buckling. But with the extent of damage involved, 
which covered approximately 250 of the model's circumference, it happened 
that the initial dent was indistinguishable from the other buckle lobes in the 
collapsed model as shown in Fig. 5.20. 
5.4 Collapse Tests of Ring-Stiffened Shells 
5.4.1 Combined Loading Test of Undamaged Plain Ring Stiffened 
Shell C9 
This model was tested in an as-received condition, i. e. without any damage 
imposed on the skin of the shell. The shell collapsed when a superimposed 
axial compressive load of 127. 8 kN had been applied while under the action of a 
constant hydrostatic pressure of 0.155 N/mm2. On removal from the testing 
rig, the collapse mode was found to be a series of periodic buckles which 
extended around the shell in the vicinity of the bottom two bays, as shown in 
Fig. 5.2 1. 
In order to determine the uniformity of the applied load along the length of 
the shell, this shell was strain gauged using the layout shown by Fig. 5.22. 
Comparisons would also be able to be made with the nominal stress values 
calculated from simple hoop stress theory. 
Figures 5.23 - 5.26 shows the collective distribution of the 
longitudinal and 
circumferential membrane stresses at positions I to 6 during the two stages of 
the collapse test. Strain gauge results at the six positions lie in a small scatter 
band about the nominal level and therefore good uniformity of stress 
distribution along the length of the shell was confirmed. In fact, except for 
position 6, strain gauges at all positions show very similar 
behaviour and 
therefore only results at positions I and 6 are presented here in more detail. 
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During the hydrostatic phase of the collapse test, the longitudinal membrane 
stress at position 1, shown by Fig. 5.27, demonstrated excellent agreement with 
the calculated nominal stress distribution both of which were linear 
throughout. Panel bending in the longitudinal direction was approximately 
66% of the membrane stress value. When the axial compressive load was 
applied the experimentally derived membrane stress distribution, shown by 
Fi& 5.28, did not increase at the same rate as the nominal stress distribution, 
this deviation reaching a maximum of 16% with an applied load of 60 kN. 
Thereafter the deviation reduced until at a load of 115 kN the membrane stress 
converged to the nominal value, remaining this way up until the collapse. 
During this second phase of loading the longitudinal bending stresses in the 
panel decreased from 66% to 12%, this occurring just prior to collapse. This 
change in bending probably resulted from the panel's "hourglass" shape, 
which had developed during the hydrostatic loading, being altered into the 
more characteristic "barrel" shape due to the Poisson's effect of the axial 
compressive loading. 
As with the case of the longitudinal membrane stress, the distribution of the 
circumferential membrane stress developed during the application of the 
hydrostatic pressure was also in very good agreement with its calculated 
nominal value, as shown by Fig. 5.29. During the subsequent application of 
the axial compressive loading the circumferential membrane stress should 
have remained constant at their final hydrostatic test magnitude, this being a 
requirement for equilibrium. This effect was confirmed by the trace of 
circumferential membrane stress, shown by Fig. 5.30, where the maximum 
error between experimentally derived and calculated nominal values was only 
+6% up to an applied load of 70 kN and +9% just prior to failure. Bending 
stresses in the panel were again relatively small, being a maximum of 8% 
during the hydrostatic phase of the test and increasing to just under half of 
the value of the circumferential membrane stress. 
At position 6, located on the lower surface of ring stiffener #3 adjacent to 
panel 'de', the stress distributions for both phases of the collapse test are 
shown by Figs 5.31 - 5.34. 
The longitudinal membrane stress distributions resulting from both 
hydrostatic and axial compressive phases of the collapse test are shown 
by 
Figs5.31 and 5.32 respectively. The nature of the membrane 
distributions for 
200 
both phases of the test followed closely along the lines of that discussed 
previously for positions 1 to 5. This was not the case regarding the bending 
stresses resulting from the axial compressive test, shown by Fig. 5.32, in which 
the nature of the bending reversed or 'snapped through' at a load of 60 kN. 
The circumferential membrane stress distributions resulting from the 
hydrostatic and axial compressive load phases of the collapse test are shown in 
Figs 5.33 and 5.34 respectively. During the hydrostatic phase of the test the 
experimentally derived membrane stress, shown in Fig. 5.33, was 
approximately 20% less than the calculated nominal, with bending effects 
being some 19% of the membrane value. As the axial compressive load was 
applied to the model the bending effects reduced until at a load of 50 kN all 
circumferential bending had been eliminated from the panel whereupon it 
'snapped through' into its new bending mode, Fig. 5.34. At this point the 
experimentally derived membrane stress in the panel was some 10% higher 
than the calculated nominal value, this effect increasing with further loading 
until the difference was 44% just prior to collapse. 
Strain gauges at positions 7 and 8 were single element gauges running in the 
circumferential direction on the top and bottom surface of ring stiffener #3 
as shown in Fig. - 5.22. At position 7, located 1 mrn in from the free edge of the 
ring stiffener, the strain distributions fo r both hydrostatic and axial 
compressive phases of the collapse test are shown by Figs 5.35 and 5.36. 
During the hydrostatic phase of the test out-of-plane bending of the ring 
stiffener was negligible, being only 3% at the commencement of the axial 
compressive load. During this phase of the test, shown by Fig. 5.36, this 
bending reduced until it was zero at an applied loading of 30 kN, whereupon 
the nature of the bending reversed as the ring stiffener snapped through into 
its new bending mode. For the purposes of comparison the circumferential 
membrane strain distributions, calculated using the bi-axial plane stress 
relationships, have been included for both loading phases. 
At position 8, located 3 mm in from the free edge of the ring stiffener, the 
strain distributions for both hydrostatic and axial compressive phases of the 
collapse test are shown by Figs 5.37 and 5.38. At this position, 
located only 3.3 
times the thickness of the ring stiffener away from the centreline of the 
adjacent strain gauge at position 7, the out-of-plane 
bending of the ring 
stiffener, shown by Fig. 5.37 for the hydrostatic phase of the 
test, was some 
201 
11% of the experimentally derived membrane stress. During the subsequent 
application of the axial compressive load, shown by Fig. 5.38, this out-of-plane 
bending steadily reduced until at a load of 60 kN it had been almost eliminated. 
Unlike the behaviour of position 7 at this point the nature of the out-of-plane 
bending did not reverse but subsequently increased in an erratic manner 
until failure. 
Finally, the radial deflection of the shell's exterior surface was measured at 
four positions, two on the stiffeners and two on the panels as shown in Fig. 
5.39. Again, good agreement with calculated nominal deflection is noticeable 
and the deflections on the panels were slightly higher than that on the 
stiffeners with overall maximum magnitude less than 0.1 mm, Figs 5.40 - 5.41. 
5.4.2 Combined Loading Test of Damaged Plain Ring Stiffened 
Shell CIO 
This shell had been indented at the mid height of the centre panel with a 
residual dent depth of 5.26 mm and therefore the magnitude and profile of 
damage is the same as Shells RI and R2. The shell collapsed when a 
superimposed axial compressive load of 115 kN had been applied while under 
the action of a constant hydrostatic pressure of 0.155 N/mm2. The collapse 
mode, shown by Fig. 5.42, consisted of a series of periodic buckles which had 
been contained within the middle 3 bays and had extended around the the 
entire circumference of the shell. No extensive buckling of the damage zone 
was observed. 
No instruments had been employed during this test except the radial 
deflections of the outer surface at positions shown by Fig. 5.43 had been 
measured. 
At positions V and W, located at the mid span of the dented panel 
'cd' and its 
adjacent panel 'de' respectively, the displacements 
during the hydrostatic 
phase of the test were radially inwards as shown by Fig. 
5.44. At both positions 
the behaviour was linear, the magnitudes of the displacements at 
V and W 
being 7.6 and 5 times, respectively, that calculated using the 
bi-axial plane 
stress relationships. This radially inwards 
linear behaviour continued at both 
positions during the application of the axial compressive 
load. The first 
indications of non-linearity developing at positions 
V and W when loads of 
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65kN and 80kN were applied respectively, Fig. 5.45. The displacement 
distribution calculated by the bi-axial plane stress relationships indicated that 
when an axial compressive load of 78 kN was superposed on the existing 
hydrostatic loading the shell displacement would be zero, it having returned to 
its original datum. At this load the radially inwards displacements at positions 
V and W were approximately 2/3 and 2 times the panel thickness respectively. 
Just prior to collapse the displacement at position V had increased to 
approximately 2.5 times the panel thickness. 
At positions X and Y, located at the mid span of panels 'cd' and 'de' and 
orientated at 150() from the dent centreline, the displacement distribution for 
the hydrostatic and axial compressive phase of the collapse test are shown by 
Figs 5.46 and 5.47 respectively. For comparison, the distributions calculated by 
the bi-axial stress relationships have been included for both phases of loading. 
It can be seen that both in magnitude and nature the experimental 
distributions compare favourably with those derived analytically. As the 
internal ring stiffeners were not infinitely stiff, the effect of the lateral 
pressure would tend to deform the shell into an hourglass shape overall, with 
only the ends of the shell remaining unchanged due to their attachment to the 
heavy end rings. This would result in the deformation at position X, located at 
the mid height of shell, being greater than that at position Y, located one 
panel width away from X. This was indeed the case with the distribution at 
position X being almost coincident with the analytical one. 
The application of the axial compressive load to the model caused the radially 
inwards rate of change of displacement at both positions Y and X to reduce 
significantly until at a load of 50 kN it was finally halted. Further increased 
compressive loading caused both panels to move radially outwards until at a 
load of 90 kN the shell at position Y crossed its original displacement datum, 
this load being almost coincident with that derived analytically. 
5.4.3 Combined Loading Test of Undamaged Plain Ring Stiffened 
Shell C12 
This shell was tested in an as-received condition, 
i. e. without any damage 
imposed on the skin of the shell in order to obtain a reference point with 
which other models of the same geometry tested under 
combined loading 
conditions with nominal hydrostatic pressure of 
0.5 N1mm2 could be compared. 
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The shell collapsed when a superimposed axial compressive load of 96.5 kN had 
been applied while under the action of a constant hydrostatic pressure of 
0.5N/mm2. On removal from the testing rig, extensive deformation was 
present on the upper two bays of the model as shown in Fig. 5.48. 
5.4.4 Combined Loading Test of Damaged Plain Ring Stiffened 
Shell R1 
Shell R1 have been indented with a residual dent depth of 5.4 mm. The 
nominal hydrostatic pressure applied was 0.5 N/mm2 after which axial load 
was superimposed and increased until the model collapsed at 29.6 KN. 
During the pressurising process, an abrupt fall in pressure due to the 
preliminary failure of the shell was experienced which happened at a 
pressure of 0.4 N/mm2. Local buckling of the damage zone extending over the 
five bays of the model was observed in the final collapsed shell. Fig. 5.49 
shows the interior view of the buckling mode of the damage zone after the 
shell have been taken out from the pressurising chamber. Subsequent to the 
initial buckling, the pressure was ramped up again and the model was able to 
withstand a pressure greater than the initial buckling pressure and attained 
the specified holding pressure of 0.5 N/mm2- 
With an axial load of 29.6 kN superimposed on the model, the total collapse 
stage was reached. The failure mode was periodic lobes of inward buckles 
accompanying the severe "blow-in" of the damage zone. These buckles were 
found to be located within a single bay between two adjacent stiffeners and 
were present in the upper two bays, particularly in the top bay adjacent to the 
end ring where buckles extended half way round the shell circumference, 
Fig. 5.50. 
Strain gauges already attached to this model for the, denting test, with 
layout 
shown in Fig. 5.51, were re-initialised to record the deformation 
behaviour of 
the shell throughout the collapse test. The preliminary 
buckling at a 
pressure of 0.4 N/mm2 was clearly indicated by almost all the gauges 
particularly those closest to the damaged zone. 
The external surface strains in 
both the axial and hoop directions at position 1 were 
found to have exceeded 
the material yield limit after the preliminary 
buckling, with significant 
unloading when the external pressure was 
further increased. At 335 mm i. e. 
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1200 from this position, strain results at positions 2 and 3 on the control panel 
was only slightly affected by the preliminary buckling, as shown in Figs 5.52 
and 5.53. 
Similar behaviour was also experienced by rosettes at mid-section of the 
damaged panel (positions 5 and 6), Figs 5.54 - 5.55. For a rosette at the dent 
corner, position 4, significant nonlinearities in strain results were 
experienced throughout the test corresponding to a very high magnitude of 
deformation. At position 9, unloading in the hoop direction was experienced at 
the initial buckling pressure. 
On the mid panel, along the centre line of the damage zone, rosettes were 
attached to the mid section and close to the stiffeners, Fig. 5.56. A significant 
amount of bending was experienced at these positions throughout the test with 
reverse bending ( or unloading) being recorded at the init ial buckling 
pressure. The maximum surface strains recorded at these rosettes attained the 
material elastic limit in the hoop direction at position 7. 
At positions II and 12, on the stiffeners closest to the end ring, the strain 
results showed almost complete insensitivity to the deformations at the initial 
buckling occurring at the damage zone, Fig. 5.57. But at position 10, directly in 
line with positions 1 and 4, the effect of initial buckling was clearly recorded. 
The amount of out-of-plane bending of the stiffener were negligibly small at 
these positions. On the other hand, significant amount of out-of-plane 
bending of the stiffener closest to the dent was observed at positions 13 and 14, 
Fig. 5.58. At position 15, this bending effect was very small and there was only 
a slight change in slope of the results at the initial buckling pressure in 
contrast with those experienced at positions 13 and 14. 
Once the holding pressure (0-5 N/mm2) was reached, axial compressive load 
was superimposed on the model with continuous recording of the strain gauge 
results. Due to the excessive deformation of the shell during the preliminary 
buckling stage, some of the gauges had become inoperative. 
The most interesting characteristic of the strain results registered was that 
there was almost no change in circumferential strains with increasing axial 
load at most of the positions concerned. At position 9, there was a negligible 
amount of bending although increasing circumferential tensile strains had 
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been recorded with increasing axial load, Fig. 5.59. At position 15, the 
relaxation of hoop compressive membrane strain was quite small. 
In the axial direction, gauges at positions on the damaged and control panels 
about 1200 from centre line of dent experienced a linear increase of 
membrane stresses with increasing axial load until total collapse of the model, 
Fig. 5.60. However, at position 9, nonlinearity in longitudinal membrane stress 
started at about 20 kN axial load, which incorporated a significant proportion 
of bending as shown in Fig. 5.61. 
Within the dent affected zone, gauges at positions 7 and 8 registered negligible 
bending and the variation in longitudinal membrane strains was quite small. 
Fig. 5.62. 
5.4.5 Combined Loading Test of Damaged Plain Ring Stiffened 
Shell R2 
The nominal holding pressure of this shell was 1 N/mm2. From the results of 
the previous test on Shell RI, it was found that preliminary buckling occurred 
at 0.4 N/mm2 and the buckled model could withstand further pressurisation to 
the holding pressure (0.5 N/mm2). With an identical residual dent depth to 
Shell RI, this shell also buckled initially at the damage zone at a pressure of 0.4 
N/mm2 which indicated excellent repeatability of testing. The external 
pressure was then ramped up again trying to attain the required nominal 
holding pressure but with a hydrostatic pressure of 0.552 N/mm2, the total 
collapse stage of the shell was reached. 
Observations on the collapsed model indicated that the buckling mode of the 
damage zone at the preliminary stage was very similar to that of Shell RI 
where buckling extended longitudinally over the five bays at the damage zone. 
The final collapse profile of this model was also similar to that of Shell RI 
where complete failure was associated with the occurrence of buckles between 
the ring stiffeners and extending all the way round the shell on the mid panel 
and the panel above it, as shown by Fig. 5.63. The rings, apart from the region 
of the initial dent, appeared to have retained their integrity. 
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Because the deformation profile of the model on the outside surface was to be 
scanned by LVDTs during the test, strain gauges were applied on the internal 
surface and on the stiffeners of the model only with layout shown in Fig. 5.64. 
As shown in Fig. 5.65, there was no variation in membrane strains on the 
stiffeners with increasing pressure subsequent to the preliminary buckling 
stage at positions I and 2. At position 3, the membrane strains in the stiffener 
started to relax fro rn the maximum compressive magnitude after the 
preliminary buckling to become tensile in nature when the model collapsed 
completely, Fig. 5.66. On the other hand, just 4 mm further away from the dent 
centre line than position 3, the circumferential membrane strain pattern of 
the stiffener at position 6 was quite similar to that at positions 1 and 2 except 
that it was compressive in nature instead of tensile, Fig. 5.67. 
Figures 5.68 - 5.69 show the internal surface strains at the dent comer on the 
panel at position 5. In both the axial and hoop directions, after the maximum 
straining condition at the initial collapse pressure, relaxation was 
experienced. 
A similar strain relaxation also occurred at position 4 in the axial direction 
where the nature of the strain changed from tensile to compressive after the 
initial buckling stage when total collapse of the shell occurred, Fig. 5.70. 
Finally, strains recorded at positions 2,3 and 5 of Shell R2 were found to agree 
reasonably well with those in the corresponding positions in Shell RI, 
showing good repeatability of test results. 
During the combined loading test, the deformation profile of the external 
surface of the model was scanned at five sections by LVDT's. 
As shown in 
Fig. 5.71, inward radial deflections along the centre line of damage zone showed 
maximum displacement at mid section and reducing to a minimum at stiffeners 
closest to the end rings. At an orientation 660 away 
from the centre line of the 
damage zone, radial displacements at all the five 
locations were relatively 
smaller than that along the dent centre line. The maximum 
deflection was still 
experienced at the mid-section. 
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5.4.6 Combined Loading Test of Damaged T-Ring Stiffened 
Shell R3 
This model was tested with a residual dent depth of 4 mm. With the stronger 
design of the stiffeners compared to plain rings, the model was able to 
withstand the nominal holding pressure of 1 N/mm2, without any initial 
buckling, The shell collapsed with a superimposed axial load of 58.4 kN with no 
sign of any damage zone extension being experienced. Observation of the 
collapsed model indicated that the failure mode was of a periodic lobular type 
with inward buckles present all over the four bays and these buckles were all 
confined within a single bay without extending across the stiffeners as shown 
in Fig. 5.72. It was also indicated from the collapsed model that there was no 
sign of any significant distortion of the stiffeners. 
In order to determine the effectiveness of the design of the stiffeners to 
withstand combined loading with the presence of damage, the shell was 
heavily strain gauged at the stiffener-panel weld junction at the external 
surface and on the flange of the stiffener at mid section of the model, trying to 
record the deformation patterns during the test. Layout of strain gauges 
during this phase of test was shown Fig. 5.73, 
As shown in Fig. 5.74, the circumferential surface strains at the centre line of 
the damage zone on the flange of the dented stiffener (position 1) were tensile 
in nature. These increased with increasing pressure and exhibited a slight 
nonlinearity. 
At the other positions, the strains in the hoop direction were all compressive, 
as shown in Fig. 5.75. The maximum value was recorded at position 2, at the 
extremity of the dent comer. 
On the external surface along the stiffencr-pancl weld junctions, the 
circumferential strains recorded at the gauges were all compressive, Fig. 
5.76. 
Except at position 14, the strain results at the other positions all experienced 
some nonlinearity. 
As shown in Fig. 5.77, the longitudinal membrane strains at positions 
9 and 10 
were compressive while they were tensile at position 
8. These membrane 
strains all incorporated a high proportion of bending. 
The maximum surface 
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strains were about 50% of material yield limit. 
With the superimposition of axial compressive load on the model, the variation 
in circumferential strains on the flange of the stiffeners were relatively small 
except at position 1, Figs 5.78 - 5.79. Slight relaxation in strains was 
experienced at positions 2,4,5 and 7 throughout this second stage of collapse 
test. 
On the external surface, the variations of strain at the gauges were also quite 
small except at position 13 where significant relaxation was evident. At 
position 13, the surface strain changed from compressive at the starting of the 
second stage of test to become tensile when the shell collapsed, Fig. 5.80. 
As shown in Fig. 5.81, the longitudinal membrane strain at positions 8,9 and 10 
increased quite linearly with increasing axial load. At positions 9 and 10, the 
membrane strains recorded consisting a small proportion of bending while at 
position 8, bending effect was quite significant. 
5.4.7 Combined Loading Test of Damaged T-Ring Stiffened 
Shell R4 
Shell R4 had been indented to an identical magnitude of damage as Shell R3. 
The axial collapse load of this model was 123 kN with a constant hydrostatic 
pressure of 0.5 N/mm2. The collapse profile of this model was more complex 
with both outward and inward deflections existing on the circumference after 
final failure. On the right hand side of the dent, a periodic lobular mode of 
inward buckles was observed on the upper two bays, particularly on the bay 
closest to the top end ring. On the bay below the dented stiffener, an inward 
buckle was found adjacent to the damage zone in addition to the outward 
bulging experienced at the end of that inward buckling at the left hand side of 
the dent as shown in Fig. 5.82. Nevertheless, these buckles were of inter-ring 
type and no sign of any significant distortion of the stiffeners was observed. 
On the flange of the dented stiffener, strain gauges orientated in the hoop 
direction were attached to supplement the strain data obtained from 
Shell R3 
and to investigate the deformation patterns at areas of particular 
interest. The 
layout of strain gauges during this phase of testing is shown 
in Fig. 5.83. 
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As shown in Fig. 5.84, gauges at positions I and 2 experienced tensile strains 
whilst compressive strains were registered at gauges outside the dent comer 
(positions 3- 5). The strains experienced at these positions all increased 
linearly with increasing pressure. 
At position 6, on mid panel below the dented stiffener along the centre line of 
the damage zone, a bi-directional strain pattern was registered by the rosette. 
It was tensile in the axial direction and compressive in the hoop direction as 
shown in Fig. 5.85. 
With the superimposition of the axial load on the model, the tensile strain 
registered at position I kept on increasing linearly at the early stage until an 
axial load of about 90 kN at which stage some nonlinearity started to be 
observed, as shown in Fig. 5.86. 
At positions 2 and 3, there were very small variations in strain with the 
application of axial load. But at positions 4 and 5, the increase were quite 
linear at the early stage and started to pick up some nonlinear increase in 
compressive strains at the later stage, Fig. 5.87. 
The variation in compressive strain in the axial direction at position 6 was 
very small at the early stage of the loading test and with some nonlinear 
reduction in compressive strain at a later stage. In the hoop direction, the 
rosette recorded some steady increase in tensile strain with increasing axial 
load as shown in Fig. 5.88. 
Similar to Shell R2, the radial deflection on the external surface of this model 
was scanned with LVDTs. As expected, the inward radial displacement at 
position B, on the dented stiffener along the centre line of the damage zone 
was maximum. As shown in Fig. 5.89, the radial displacements at these four 
positions concerned were all inward and increased linearly with increasing 
pressure. With the application of axial load, outward displacements in the 
reverse direction to that at the end of pressurising test were experienced at 
positions A and D. These continued to increase radially inward at positions B 
and C with increasing loading, Fig. 5.90. 
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5.5 Discussions 
5.5.1 Residual Strength of Damaged Unstiffened Shells 
under Axial Compression 
Shells T2, T9 and T10 showed a reduction in strength of 13%, 21% and 9%, 
respectively, compared to the undamaged Shell Tl, as shown in Table 5.2. 
These values can only be taken as indicative since there will obviously be 
some variation if a larger number of nominally identical shells were to be 
tested. In addition, the profiles and magnitudes of initial imperfections 
experienced by these models are bound to be different. Nevertheless, from the 
collapse tests of the damaged models, a very interesting phenomenon common 
to those damaged models has been observed, that is the antisymmetric mode of 
radial deflection between the damage zone and the intact circumference of the 
shell. Whilst for the undamaged Shell T1, the circumference is found to deflect 
radially outward all around the perimeter. 
Considering Shell T2, it may be deduced that two major factors influence the 
reduction in strength resulting from damage. One is simply that the damage 
zone cannot support axial stresses. It acts essentially as a plastic mechanism 
and in comparison to the surrounding undamaged shell has little strength. 
Thus the effective area of the shell is reduced in proportion to the damaged 
length of the shell perimeter. The other factor is that during the imposition of 
the dent extensive plastic membrane stretching occurs in the damage zone. 
When the indentation load is removed, elastic relaxation occurs which results 
in residual compressive stresses being induced in the shell. 
A further minor contribution of the reduction in strength may be due to the 
eccentricity of loading. The swivel bearing employed in the loading head 
assembly, in order to eliminate the inherent out of flatness of the end rings 
and ensuring uniform loading on the shell, means that eccentricity of end 
deflection is permissible during the loading process. This allows a larger end 
shortening to occur on the circumference near by the dented region and 
therefore causing the initiation of bulging that has bee n observed at these 
positions. 
Shell T9 has a dent at quarter point along its length. It differs from T2 in that 
to develop this dent depth comparatively more strain is required and hence 
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more residual stress is developed. In addition, the position of the damage 
which in this case is rather closed to the natural bulging section of the shell 
may also trigger off premature collapse as indicated by the extension of the 
damaged region. A bigger reduction in axial load carrying strength is 
therefore to be expected. 
Shell T10 was damaged using a ball-shaped indenter and the width of the 
damaged region is less than that caused by the knife-edged indenter. It will 
probably be the same case for the magnitude of residual stress induced during 
the damage process. Therefore, it may be expected that the failure load of the 
Shell T2 will tend to be lower than for other type of damage inflicted by say, a 
curved indenter. Indeed, the Shell T10 sustained a load about 6% greater than 
the Shell T2. 
Speaking generally, the tests have shown that although the presence of 
damage has the effect of reducing the maximum load bearing capacity of 
thin-walled cylindrical shells the reduction is not catastrophic. As the dented 
region deflects inward when subjected to axial compression, it provides a 
restraining action to the natural dilation of the shell circumference. 
Therefore although such shells have a notoriety for being imperfection 
sensitive, it seems that the form of the damage imposed on the shells reported 
here is not sympathetic to the natural buckling mode and hence no dramatic 
knockdown in strength is observed. The effect of the damage will therefore be 
to cause a reduction of load carrying circumference by the amount of the 
damaged region and the introduction of residual compressive stresses locked 
in the shells. 
5.5.2 Residual Strength of Damaged Unstiffened Shells 
under Combined Loading 
The collapse mode of Shells T3 and T4 are similar and in the form of periodic 
lobulars of inward deflection. It is evident from the test results that in the 
presence of external pressure the reduction in strength due to damage is more 
significant than for a shell under purely axial load. In the latter case, the 
axial stresses resulted in a tendency for the shell to dilate radially. This in 
turn has the effect of pulling the dent out radially and hence to some extent 
reducing the growth in inward deflections due to to development of the 
mechanism at the damage zone. In the situation where external pressure is 
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applied additional to axial loading this radial dilation effect may be eliminated 
and therefore the restraining action induced by the antisymmetric mode of 
deflection does not exist. In fact, the dented zone deflects inward to a slightly 
greater extent, particularly when axial load is superimposed on the models. 
This then produces an inward pull to the material neighbouring with the 
damaged region assisting the inward buckling of the shell at a lower load. The 
phenomenon indicates that the deflection of the dented zone is in phase with 
the collapse mode of the intact circumference and therefore leading to a 
higher deterioration in strength. However, it seems that the effects of the 
damage is so localised that the reduction in load bearing capacity is still not 
catastrophic. 
5.5.3 Residual Strength of Damaged Plain Ring Stiffened Shells 
under Combined Loading 
Shell C10, as a result of the presence of damage experienced a reduction in 
axial load carrying capacity of about 9% by comparing with Shell C9. This 
reduction is by no means catastrophic when considering the substantial 
reduction encountered by Shells R1 and R2 by comparing with their intact 
counterpart Shell C12, Fig. 5.2. 
During the axial loading stage of Shell C9, the bending and radial deflection of 
the shell panel reverse from i ts maximum magnitude, at the end of the 
hydrostatic test, to a minimum level just before collapse. It is therefore 
evident that the buckling mode of this model would be of the type that is 
dominated by axial compression. The effect of external pressure in this case 
seems less significant. 
For Shell C10, the damage area deflects inward at a much higher rate than its 
undamaged circumference during the pressurising stage of the collapse test 
and continues to deflect inward during the axial loading stage whilst the 
undamaged circumference dilates outward in line with the nominal rate. 
Antisymmetric radial deflection between the damaged and undamaged 
circumference occurred and therefore the damage is not sympathetic to the 
natural buckling mode of the model. Similar to damaged unstiffened shells 
subjected to axial compression, this inward deflection of the dented zone 
throughout the collapse test is mainly due to the fact that the damaged area 
behaves like a mechanism and carries very little axial stress. This effect can 
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be demonstrated clearly that just outside the boundary of the dented zone 
along the dent centre line, the radial deflection of the shell skin is maintained 
at a fairly constant level until approaching the collapse stage. At the same 
time, the rest of the undamaged circumference behaves very similar to its 
intact counterpart. 
For the two test Shells, C9 and CIO, the magnitude of the hydrostatic pressure 
applied is obviously not sufficient to cause premature buckling of the model. 
Their stiffeners, even in the case of the damaged m odel, appear adequately 
stiff to promote local panel buckling when the shells collapsed under 
additional axial load. The reasons for the reduction in strength for Shell CIO 
are therefore similar to that of damaged unstiffened shells as discussed in 
Section 5.5.1. 
The collapse profile of Shell C12 is very similar to that of C9 and it seems that 
there are no clear sign of any stiffener tripping although the hydrostatic 
pressure is much higher in this case compared to C9. For the damaged Shells 
R1 and R2, subjected to a similar pressure level, a substantial reduction in load 
carrying capacity was experienced. Preliminary buckling of the damage zone 
occurred at a hydrostatic pressure of 0.4 N/mm2 and it is deduced from the 
strain gauge results and the collapse profile of the models that this premature 
buckling is localised to the damage zone. 
During the pressurisation process of the models, the shell circumference 
deflected inward and the material was under a state of hoop compressive stress 
both within and outside the damage zone. For an undamaged shell, the axial 
component of the hydrostatic pressure will try to expand the shell as an effect 
of Poisson expansion which provides some resistance to the inward deflection 
of the shell circumference. But this is not the case for the damage zone; in 
contrast, the damage zone continues to deflect inward at a higher rate and 
deforms like a mechanism. This means that the radial and axial deformation 
components of the hydrostatic pressure at the damage zone of the models are 
in-phase, both inward, and become additive. This pronounced radial deflection 
is maximum at the dent section and reduces to zero at the end rings. It is also 
maximum along the centre line of the damage zone and is greater than 
anywhere on the shell circumference. 
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This form of deflection profile therefore leads to a steadily increasing tensile 
circumferential strain at the nearby stiffeners at positions along the dent 
centre line. The level of this strain at an applied pressure of 0.4 N/mm2 was 
well in excess of the material yield thus forming an effective plastic hinge in 
the stiffeners. Simultaneously with this the stiffener was being subjected to 
compressive straining at positions in line with the end of the damage zone in 
the hoop direction. The strains at these positions during the denting process 
were very large indeed and some residual stresses and lateral deformations 
probably exist there. Thus when the pressure approaches the critical value of 
0.4 N/mm2 the stiffeners seemingly developed compressive plastic hinges 
which, therefore, completed the plastic mechanisms and the pressure could 
not be resisted without the shell forming a large deformation pattern. 
Subsequently, these compressive plastic hinges snapped through to become 
tensile in nature. 
During this critical state of pressurisation, the damaged panel with its 
stiffeners could no longer resists any hoop compression and the full pressure 
loading was therefore imposed on the adjacent stiffeners. If these adjacent 
stiffeners are strong enough, particularly in terms of flexural rigidity, the 
snap through action of the damaged area can possibly be retained which is 
one of the primarily objectives of the application of ring stiffening elements 
on the models. Unfortunately, these stiffeners were already laterally distorted 
to a certain extent during the imposition of damage. The sudden increase in 
compressive stress therefore cause plastic tripping to occur and the stiffening 
capacity is obviously not sufficient to stop this snap-through propagation of 
the damage zone. Overall buckling of the dented area would therefore occur. 
It can be deduced that if the shell models comprised more panels, this 
cascading effect, i. e. progression of collapse from one stiffener to the next 
would continue to occur because the load on the remaining unbuckled 
stiffeners would progressively increase . The collapse 
behaviour of the shells 
would be similar to the propagation buckling of subsea pipeline. 
Before reaching the premature buckling critical pressure, strain gauge 
results indicate that the deformation of the shell circumference outside the 
damage zone was less severe than that at the dented region. In fact the 
undamaged shell circumference was insensitive to the pronounced deflection 
at the dented region and is only slightly affected when the preliminary 
collapsed stage had been reached. 
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After the overall buckling of the damage zone, the collapsed region behaved 
like the post-buckling stage of an uniformly loaded arch, being stable and able 
to withstand further increase in pressure loading due to the tensile strength 
of the segments between two hinges. 
Once the preliminary buckling of the damage zone had occurred on Shell Rl, 
the model was pressurised again until the holding pressure (0.5 N/mm2) was 
reached. During this stage, the material close to the collapsed zone 
experienced some relaxation of stress in the hoop direction because the 
collapsed region offered little restraint to the hoop contraction of the 
undamaged circumference. This relaxation reduced to the nominal value at 
positions far enough from the collapsed zone. In addition, the collapsed zone 
was unable to carry any loading and underwent virtually rigid body 
movement. The axial component of the hydrostatic pressure therefore had to 
be shared by the undamaged circumference and together with the 
superimposition of axial compressive load on the model resulted in an uneven 
stress distribution around the undamaged perimeter of the model. The pattern 
of this uneven stress distribution would be similar to that which happens in 
damaged unstiffened models, being maximum at positions closest to the 
damaged zone and reducing to the nominal level at positions far from the 
collapsed zone. Secondary buckling would then initiate at these positions and 
lead to total collapse of the model when the critical combination of loading was 
reached. It may be deduced that the influence of the dent on the mechanics of 
the shell behaviour is localised but nevertheless significant for the plain ring 
stiffened shell. 
Shell R2 also experienced severe buckling deformation in the region of the 
initial dent at a pressure of 0.4 N/mm2. The behaviour of the model at this 
stage was therefore the same as Shell R1 because they both suffered from the 
same amount of damage. On continuously increasing the intensity of the 
hydrostatic pressure, the shell experienced complete failure at a pressure of 
0.55 N/mm2. The collapse mode was associated with the occurrence of periodic 
buckles between the rings and extending all the way around the shell. The 
stiffening rings, apart from the region of the initial dent, appeared to have 
retained their integrity. The buckling mode was again very similar to Shell R1 
except that the buckles existed on different panels which may be due to the 
difference in local irregularities on the panels of these models. Nevertheless, 
the final collapse behaviour of Shell R2 and the explanations could therefore 
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be surmised to be identical to that of Shell R1. 
5.5.4 Residual Strength of Damaged T-Ring Stiffened Shells 
under Combined Loading 
Shells R3 and R4 both suffered from the same magnitude of residual damage 
and were able to withstand the nominal hydrostatic pressures of 1N/mm2 and 
0.5N/mm2. These models reached the total collapse state when subjected to an 
additional compressive load of 58.4 and 123 kN. Since no undamaged model of 
the same geometry was tested, it is not possible to estimate the magnitude of 
reduction in load carrying capacity of these two damaged shells. 
Based on the strain gauge results of Shell R3, the material of the flange of the 
dented stiffener at middle of the damage zone, experienced high tensile 
straining in the circumferential direction whilst it is compressive in nature at 
other positions outsi de the damage zone, during the pressurisation stage of the 
collapse test. This straining behaviour is therefore rather similar to that of 
the plain ring stiffened shells except the magnitude involved are less than the 
yield strain of the material even at the highest pressure level. No extensive 
premature buckling of the damage zone would therefore occur without the 
formation of plastic mechanism on the damaged stiffener. 
During the axial loading stage, further tensile straining in the flange of the 
dented stiffener at the middle of damage zone was experienced. The magnitude 
are still less than the material elastic limit even when the model collapsed 
which indicates the continuously inward deflection of the damage zone. At the 
boundary of the damage zone, the material of the flange of the dented 
stiffener exceeded the elastic limit during the pressurisation process. 
Subsequently, it maintained almost constant values until close to the collapse 
stage of the model. A complete plastic mechanism did not developed and 
therefore no extensive buckling of the damage would be expected. 
Also, the strain results of the damage zone of Shell R3 was found to increase 
very little during the application of the axial compression which reinforces 
the hypothesis that t he damage zon e of axially loaded shells effectively 
supports very little of the applied load. Thus the lo ad is being carried by the 
undamaged section of the shell and failure will occur when that section 
approaches its "natura l", i. e. undamaged, buckling load combination. This 
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characteristic is confirmed by the straining behaviour on the shell surface at 
positions outside the damage zone. The axial strains at these positions correlate 
well with the nominal level throughout the collapse test and as the shell 
approaches its failure state, the external surface strain was close to the yield 
strain of the material which would probably lead to buckling of the model. 
Bearing in mind that the twisting of the stiffeners of this model as a result of 
the imposition of damage is at a negligible level and the flexural rigidity of the 
stiffener is quite high due to its T shaped design. It will require a much 
higher loading to cause tripping of the stiffener than will cause buckling of 
the undamaged panels. The damage zone therefore was retained in between 
the adjacent undamaged stiffeners even when the shell collapsed. This 
phenomenon also applied to the shell panels and the stiffeners are therefore 
capable to maintain its integrity throughout the collapse test. 
Shell R4 was subjected to a lower hydrostatic pressure and collapsed at a 
higher axial load level. It can be seen that collapse was caused by the onset of 
local inter-ring buckles and the damage zone did not extend through the 
stiffeners. 
The remarks made on Shell R3 regarding the development of strains in the 
damaged and undamaged zone apply equally to Shell R4. It seems that the 
damage zone is incapable of carrying any share of the axial load and that the 
remaining section of the shell virtually 'ignores' the presence of the damage. 
Collapse occurred because that portion of the shell approached its "natural" 
buckling state. 
After the collapse of this Shell R4, both periodic lobes of inward deflection and 
outward bulging type of buckling mode were observed on the shell panels. 
Since the model was tested inside the hyperbaric chamber, no visual 
assessment on the progression of the deformation pattern could be made. 
Hence, it is difficult to conclude which buckling mode is responsible for the 
final collapse of the shell. But with the relatively lower applied pressure and 
higher magnitude of superimposed axial load, when compared with Shell R3, 
it 
is suspected that outward bulging is initiated on the panel which means the 
buckling of this Shell R4 would be of the type that was dominated 
by axial 
compression. 
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Dent Depth Damage Type of External Axial Total CF /(: F 
Shell 
Code 
Loading 
(m m) 
Residual 
(m M) 
Position Indenter Pressure 
(N/mm2) 
Load 
(k N) 
Axial Load 
(kN) 
a oc 
T1 - - 205.4 205.4 0.71 
T2 5.65 4.15 MP KE - 178.0 178.0 0.61 
T3 - - 0.4 154.0 186.2 0.64 
T4 5.74 3.90 MP KE 0.4 110.0 142.2 0.49 
T9 5.61 4.17 QP KE - 162.5 1 162.5 0.56 L 
T10 
t 
5.48 4.28 MP BI 
1 
187.51 187.5 
Daman Position : Type of Indenter : 
MP - Mid Panel Position KE - Knife-Edge Qp - Quarter Panel Position BI - Ball Indenter 
Table 5.1 Summary of Test Results of Unstiffened Shells. 
Dent Depth Damage Type of External Axial Total (Ta/(: Fo c 
Shell 
Code 
Loading 
1 (m m) 
Residual 
(M M) 
Position Indenter Pressure 
(N/mm2) 
Load 
(kN) I 
Axial Load 
(k N) 
C9 - - 0.155 127.8 140.3 0.55 
C10 9.11 5.26 MP KE 0.155 115.0 127.5 0.5 
C12 I - - - - 0.5 96.5 1 136.7 0.532 
R1 7.80 5.28 MP KE 0.4 
0.5 
- 
29.6 
32.2 
69.8 
0.13 
0.27 
R2 7.80 5.05 MP KE 0.4 
0.552 
- 
- 
32.2 
1 
44.4 
0.13 
Damage Position : Type of Indenter : 
MP 
- Mid Panel Position KE - Knife-Edge 
Table 5.2 Summary of Test Results of Plain Ring Stiffened Shells. 
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Dent Depth Damage Type of External Axial Total (; a/coc 
Shell 
Code 
Loading 
I (mm) 
Residual 
(m m) 
Position Indenter Pressure 
(N/mm2) 
Load 
(kN) 
Axial Load 
(k N) 
R3 4.06 2.90 MP IKE 1.0 58.4 138.8 0.54 
R4 4.04 3.00 MP KE 0.5 123.0 163.2 0.635 
Damage Position,: Type of Indenter : 
MP - Mid Panel Position KE - Knife-Edge 
Table 5.3 Summary of Test Results of T-Ring Stiffened Shells. 
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CHAffER 6 
ANALYTICAL INVESTIGATIONS ON THE ULTIMATE 
STRENGTH OF INTACT AND DAMAGED SHELLS 
6.1 1ntroduction 
The stability of thin-walled cylindrical shells is a subject that has attracted a 
lot of research interest as being challenging in the complexity of predicting 
the failure loads. The load-carrying characteristic of this type of structural 
components, especially in offshore applications, is subjected to the influence 
of the presence of geometric imperfections, the fabrication process, boundary 
conditions, material properties and loading conditions. In particular, the 
interaction of these factors makes the analytical evaluation of the ultimate 
strength a very difficult task. In the context of the investigations presented 
in this dissertation, it has been further complicated by the presence of 
localised damage on the shell circumference. There is very little analytical 
study which has been carried out in this area. However, it is not the intention 
of this research project to carry out an extensive investigation on this subject 
due to the vast combination of factors involved as mentioned above. The 
analytical study of the ultimate strength of thin-walled cylindrical shells, 
intact and damaged, presented in this Chapter was confined to the shell models 
involved in the experimental programme presented in Chapter 5. 
Firstly, the intact strength of the test models were estimated by using various 
methods. This includes the use of design codes, an axisymmetric finite element 
method and the commercial finite element package LUSAS. This exercise 
served to provide a basis of comparison for the knock-down of strength of the 
test shells due to the presence of damage. The effects of initial imperfections 
presence on these shells were also studied but were confined to a few selected 
cases due to the large number of test shells involved. 
Subsequently, the effects of localised damage on the models' load-carrying 
capacity were investigated. The effect of residual stress induced on the 
cylinders during the damage process was also investigated. 
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6.2 Ultimate Strength of Undamaged Shells 
6.2.1 Design Considerations 
For the estimation of the ultimate strength of the undamaged test models, the 
most direct approach is probably by using the formulations specified in design 
codes which will be used by practising engineers in the design of similar 
structural components. Since the design of the ring stiffened models 
employed in the test programme was based on the DnV specification [ref. 73] 
and in addition the assessment of the geometrical imperfection existing in the 
test models was also based on the DnV allowable limit, it was therefore 
reasonable to use this design specification as a starting point. 
Although, the prediction by using the DnV code was found to be 
un-conservative in some axial compression dominant cases, in general, good 
correlation with experimental data hav e been experienced over the entire 
range of load combination [ref. 152]. It was also shown in the same reference 
that the German "DAST" and ECCS Recommendations provide a more 
conservative predictions. For all these design codes, initi al imperfection is 
considered by specifying a maximum magnitude below which predictions 
obtained by the design procedures would be safe. As show n in Table 3.2 of 
Chapter 3, the maximum level of initial imperfection for the test models except 
T10 were all less than the specified limit and therefore the design codes 
employed are relevant. 
The interaction curve for the unstiffened test models constructed by using 
DnV rules is shown in Fig. 6.1 together with the experimental results of model 
TI and T3 which were tested in a intact condition. Also shown in Fig. 6.1 was 
the prediction by using API codes [ref. 721 which, as shown in reference 6.2, 
have been found to be unsafe in some cases. As shown in this figure, even 
without the incorporat ion of safety factors into the strength formulations, 
both codes provide a rather conservative prediction for the ultimate strength 
of the two test models. For in stance the DnV provision have underestimate the 
test results by 22% and 276% respectively. This percentage of difference are 
obtained from dividing the test results by the corresponding DnV predictions. 
For the design of ring stiffened shells, most of the design codes adopt an 
exclusion policy by ensuring that catastrophic general instability is 
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prohibited. Requirements for the strength of the stiffeners are laid down in 
the codes and once the minimum moment of inertia have been met, a more 
stable local inter-ring buckling should occur at a lower load. This in turn 
allows the procedures for unstiffened shells to be used for the construction of 
the interaction curve for the stiffened shells by considering the panels that 
would produce the most conservative prediction. 
The design of the stiffeners of the test models, flat bar or T-section, both have 
the same amount of inertia and satisfy the DnV rule's requirements, thus the 
guidelines are relevant. The interaction curve for the two types of ring 
stiffened models are shown in Figs 6.2 - 6.3. Also shown in these figures is the 
prediction by using API code for local panel buckling. For the API code, in 
addition to stiffener requirements, provision for the evaluation of the general 
collapse strength as well as inter-ring buckling load are available. In this 
instance, the general collapse strength of these two types of test models were 
higher than that of inter-ring buckling as shown in Figs 6.4 - 6.5. Therefore 
the probable buckling mode of the test models as predicted by DnV and API 
codes would be predominantly the local panel buckling type. 
The test results of model C9 and C12 were also shown in Fig. 6.2, which was 
tested to collapse without any damage imposed on the skin of the shells. It can 
be seen that the prediction by these two codes are rather conservative for 
instance the DnV code have underestimate the load carrying capacity of these 
test mod els by 55% and 83% respectively. This percentage of difference are 
obtained from dividing the test results by the corresponding DnV predictions. 
6.2.2 Evaluations by Using Axisymmetric Finite Element Method 
The analysis method discussed in this section was developed by Andronicou 
[ref. 117] for the investigation of the collapse strength of ring stiffened and 
unstiffened shells under combined axial loading and external pressure by 
using a axisymmetric finite element method. The axisymmetric approach of 
the problem, in geometry, loading and response assumed allowed the use of a 
unidirectional element. The deformation of the element was described by 
defining the displacement shape function in the axial and radial direction 
only; no circumferential discretisation was required. The large deflection, 
elasto-plastic finite element analysis adopted thin shell theory and applies 
with Kirchoff's hypothesis of plane sections remain plane after deformation. 
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Small rotations were assumed with the shell's mid-surface developing large 
in-plane displacements so that a fixed coordinate system could be used. The 
shell material was assumed to exhibit a linear-elastic perfectly- pI astic 
behaviour with no strain hardening. Geometric non-linearities arise from the 
use of large deflection equations using a cubic polynomial which represents 
the displacement shape of the element. Material non-linearities are accounted 
for by introducing the von Mises yield criteria and the Prandtl-Reuss 
incremental flow rule. The volume multi-layer approach was adopted with 
twelve layers through the shell thickness and integration of the elasto-plastic 
rigidities was performed using Simpson's rule. 
This axisymmetric programme has the advantages that it is easy to use and 
very quick to run on a computer. It models the general deflected shape very 
accurately by using a large number of elements and layers along the length of 
the cylinder and for the shell thickness, when the shell buckled 
axi symmetrically. It was found to provide very good correlations with results 
from other methods and researchers. This include the BOSOR5 programme, the 
elasto-plastic method developed by Harding [refs 109 - 1101 and the reduced 
stiffness method. [refs 112 - 116]. The analysis method also provided acceptable 
correlation with experimental results from small scale tests from University 
College and Imperial College, London. For most of these tests, either stiffened 
or single-bay shells, the behaviour of the cylinder was predominantly 
axisymmetric in nature. 
This analysis technique also has been used in a previous investigation of the 
fatigue characteristics of ring and stringer stiffened cylindrical shells for the 
evaluation of the stress distribution on the test models. [ref. 123]. The 
correlation with strain gauges results was good and by introducing the 
appropriate profile of initial imperfections into the programme, a fair 
prediction of the deformation profile of the shell surface when subjected to 
axial compression loading was also obtained. The analysis method was 
therefore used for the estimation of the ultimate strength of the test models 
involved in the present investigation. 
The interaction curves evaluated by the programme, assuming intact perfect 
condition of the shell surface, for the three different types of test models are 
shown in Figs 6.6 - 6.8. For the unstiffened models forty eight elements were 
employed for modelling half length of the cylinder therefore assuming 
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symmetric behaviour about mid section. A fully encastre end condition was 
considered. In a similar manner, half length of each bay for the ring 
stiffened models was used since the programme has no facility to accommodate 
the presence of the ring stiffeners. Also shown in these figures are the test 
results of the damaged shells whic h all lie within the evaluated envelopes 
indicating unsafe predictions by the programme. This may be mostly due to 
the presence of imperfections on the test models. 
However, to include the effect of the non- axi symmetric nature of the actual 
imperfections measured round the shell was not a straight-forward task since 
it was difficult to determine what value of initial deflection should be 
incorporated in the axisymmetric programme. Figure 6.9 shown Plots of 
normalised applied stress versus normalised strain derived from the analysis 
programme for Shell T1 which was subjected to uniaxial compression. Various 
values of deflection were considered which took the form of a cosine wave 
longitudinally down the shell. Curve A was the result predicted for a perfect 
shell and Curves B and C were the corresponding results calculated assuming 
that the shell has an axisymmetric imperfection with the maximum inward 
and outward measured initial deflection, respectively. The axisymmetric 
imperfection amplitudes for curve D resulted from averaging the initial 
deflection measured on all points around the shell. Curve E corresponds to an 
imperfection of the magnitude, and having the longitudinal profile, of the 
maximum outward imperfection. It is evident that none of these curves 
predicts satisfactorily the experimental maximum ratio of applied stress to 
yield stress of 0.7. Hence some doubt must remain with regard to the efficacy 
of using an axisymmetric analysis approach. 
6.2.3 Evaluations by Using the Finite Element Programme LUSAS 
The analytical investigation presented in this section was carried out by using 
the commercial finite element programme LUSAS. This programme have been 
used in Chapter 4 for the simulation of the damage process for the test models 
which provided a fairly good correlation with experimental results. With the 
use of the semiloof shell elements, LUSAS has the capability of modelling very 
accurately the initial fo rm 0f the shell by using the imperfection 
measurement data of the cylinder. However, the penalty for this exercise is 
the time and computer capacity required to perform the calculations to 
evaluate the shell buckling behaviour. 
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In an attempt to reduce this effort the shell could be modelled in segments, the 
smaller the segment the less the computer effort. However, this necessitates 
careful choice of the boundary conditions at the segment edges and 
appropriate choice of the most representative initial deflection. Figure 6.10 
shows the results of running LUSAS for a 320 full length segment of the Shell 
T1 and incorporating measured values of initial deflections. It is evident that 
there was a variation between the predicted values of ultimate stress which 
emphasises the importance of the engineer's choice of modelling. Curve A 
gave the results obtained from modelling the segment containing the 
maximum inward initial deflection, the shape of which was described 
accurately as input to the programme. Curve B corresponds to result obtaining 
by inputting the information relating to the segment with the maximum 
outward initial deflection. Figure 6.11 shows the result obtained from LUSAS 
for Shell T3, i. e. a constant external pressure combined with slowly increasing 
axial load until failure. The segment modelled was that containing the 
maximum outward imperfection. It may be seen that a reasonable agreement 
exists with the corresponding test results. 
Since the numerical analysis involved the prediction of the residual strength 
of damaged shell at a later stage, a quarter of the shell circumference was 
therefore chosen for the finite element modelling, such that it was the same as 
those used in Chapter 4. Axial compression was applied incrementally by 
prescribing uniaxial shortening of the encastre end of the model until 
collapse occurred. For the combined loading cases, external pressure loading 
was applied to its required magnitude and maintained constant throughout the 
analysis, with axial displacement then applied incrementally until buckling 
occurred. The loading procedure was therefore similar to that used in the 
experiments. 
The ultimate load-carrying capacities of the intact perfect models were 
evaluated with the results for the three types of test shell shown in Figs 6.12 - 
6.14. The buckling mode of the models were mainly axisymmetric when the 
loading was predominated by axial compression as shown in Figs 6.15 - 6.17. 
The ultimate stage was reached when the von Mises stress on the shell surfaces 
reached the material's yield strength which happened mostly at the end ring 
boundary and near the axisymmetric bulging regions. This characteristic 
can be demonstrated in Fig. 6.18 which showed the von Mises stress 
distribution along the length of unstiffened shell. 
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At the other end of the loading spectrum with high external pressure, the 
unstiffened and plain-ring stiffened shell exhibited dominantly periodic 
buckling modes, as shown in Figs 6.19 - 6.20, while the maximum stress 
encountered were lower than the yield limit of the material. For the T-ring 
stiffened model, the buckling mode remain axisymmetric as shown in Fig. 6.21 
and with the hoop stress was higher than yield. 
The test results for the undamaged models are shown in Figs 6.12 - 6.14 where 
it may be seen that the analysis provides unsafe predictions. This should be 
mostly due to the presence of initial imperfections in the test models. With the 
large number of test shells involved in the experimental programme, it was 
prohibitively time consuming to incorporate the initial imperfection in each 
model and then evaluate the corresponding ultimate strength. Instead, one 
shell from each model geometry was selected and the load interaction 
characteristic was evaluated by assuming it was the same for the other shells 
of the same geometry. For the unstiffened model, Shell T1 was chosen since it 
was this model that had been tested under uniaxial compression without 
damage. 
The investigation of the buckling analysis of the unstiffened Shell TI involved 
two modes of imperfection. The first analysis model considered the position at 
which the maximum inward imperfection exists together with 440 of the 
measured surface on either side. As shown in Fig. 5.7, the buckling mode of 
the test shell consists of axisymmetric bulging on the upper half of the shell, 
therefore only the upper half length was considered in this analysis. 
Appropriate symmetry conditions were applied to the two sides and at 
mid-section of the model such that the finite element model covered about 
1/8th of the shell circumference. The analysis result when the model was 
subjected to pure axial compression, is shown by Curve A in Fig. 6.22. The 
second analysis involved the maximum outward imperfection in a similar 
manner with result shown by Curve B. Comparing with the results obtained 
from similar analysis by using a 320 segment, slight improvement in 
correlation with test results has been obtained although the numerical 
predictions still overestimate the test results by 14% and 27%. The buckling 
modes of the two finite element models shown axisymmetric collapse with 
bulging occurring at about 15 mrn from the encastre end. However, after 
attaining the ultimate load level, there was no development into a periodic 
mode as happened in the test shell. On the other hand, the model with the 
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maximum inward imperfection showed more un-conservative predictions. The 
maximum outward imperfect segment of the test shell was therefore used for 
the subsequent evaluation of the ultimate strength when the model was 
subjected to combined external pressure and axial loading. 
The analysis results for the unstiffened shell is shown in Fig. 6.23 together 
with the test results of Shells TI and T3. A reasonable correlation has been 
obtained and at a loading range predominated by external pressure, the 
ultimate strength of the model appears to be less sensitive to the presence of 
initial imperfections. Also shown in this figure is the interaction curve from 
the perfect model analysis, shown in Fig. 6.12. 
Similar analyses have been carried out for the plain-ring stiffened models. In 
order to incorporate the imperfection measurement data in the model while at 
the same time maintaining a manageable size of analysis, fewer number of 
elements were used in the circumferential direction, as shown in Fig. 6.24. 
Since there were no geometry measurements for the ring-stiffeners, they 
were therefore assumed perfect in the finite element model. Both Shells C9 
and C12 have been considered and the analysis were carried out at the same 
loading combination as the test shells experienced in the experimental 
programme. 
For both analysis, the maximum outward imperfect model gave more 
conservative predictions of the collapse strength of Shells C9 and C12 with 15% 
and 1% difference respectively, as shown in Fig. 6.25. 
The buckling mode for the maximum outward imperfect region of Shell C9 at a 
pressure of 0.155 N/mm2 and a maximum axial load of 160.0 kN shows 
significant outward deformation indicating the dominant component of 
loading was due to axial compression, Fig. 6.26. The corresponding maximum 
axial load for the maximum inward imperfect region was 163.7 kN. With 
increase in external pressure, this bulging was smaller in magnitude as shown 
by Fig. 6.27, the collapsed profile of the model for the maximum inward 
imperfect region of Shell C12 at a pressure of 0.5 N/mm2 and a maximum axial 
load of 147.2 kN. The corresponding maximum axial load for the maximum 
outward imperfect region was 135.2 kN. 
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The interaction curve shown in Fig. 6.28 was evaluated by using the maximum 
outward imperfect segment of Shell C12. By comparison with the analysis 
results of the perfect model, a similar characteristic to the unstiffened 
cylinder is indicated, in that there was a stronger influence with the presence 
of initial imperfections, when the loading on the shells was predominated by 
axial compression. 
There was no similar investigation pursued to investigate the effect of initial 
imperfections for the T-ring stiffened shells because no experiment had been 
carried out on undamaged models such that comparison of results could be 
made. In addition, the complexity of the ring stiffeners and the short length 
of each shell panel make the incorporation of the imperfection measurement 
data into the numerical model a very difficult task. 
6.3 Ultimate Strength of Damaged Shells 
6.3.1 General 
At the present moment, there is no provision provided by almost all of the 
design codes for the design of cylindrical members to withstand inevitable 
ship impact or for the assessment of the residual strength of damaged 
components. Although some guidances has been put forward by DnV fref. 153] 
for the design of the self-elevated type of offshore platforms which takes into 
account supply vessel impact on the support legs, the corresponding 
construction and geometry of the structural components are different from 
those employed in fixed and floating types of installation. In addition, the 
local and global response of the structures during the event of collision are 
also significantly different making the design provisions not suitable to be 
applied to cylindrical shells with geometries similar to those considered in this 
dissertation. 
Nevertheless, Figs 6.29 - 6.31 show the comparisons between the test results of 
the damaged test models with the prediction of it's corresponding intact 
strength by using the DnV formulation. For the unstiffened and T-ring 
stiffened shells, the test results lie outside the DnV strength envelopes and 
could be considered as still safe until repair could convinently be carried out. 
And for the plain ring stiffened shell, some of the test results fall within the 
DnV interaction curve particularly when there was a higher lateral pressure 
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component leading to the premature failure of the damaged region of the test 
shells. The continuous use of the damaged member without immediate repair 
would therefore posed serious threat on the safety of the installation. Of 
course, this observation was based on a very limited range of damage 
magnitude and loading combinations, more research work therefore needs to 
be carried out. 
As shown in Section 6.2.2, the axisymmetric finite element method was not 
effective in the evaluation of the ultimate strength of intact shells with 
non- axi symmetric imperfection profile. It was therefore likely that the 
method suffers from similar draw-back for dented shells with the presence of 
the non-axisymmetric deformed geometries and residual stresses distribution. 
This analytical method was therefore not suitable to be used in the strength 
prediction for damaged cylinders. 
6.3.2 Evaluation by Using the Finite Element Programme LUSAS 
In this phase of investigation for the evaluation of the residual strength of the 
damaged shells by using LUSAS, the effect of initial imperfections was 
ignored. It was believed that the load-carrying characteristic of the model 
would be affected predominately by the presence of the damage with the effect 
of initial imperfections would be secondary. In fact, the damage on the shell 
skin is a form of geometric imperfection with extraordinary magnitude and 
highly localised in nature. Furthermore, the inclusion of geometric 
imperfections in the finite element model for studying the effect of damage, 
will lead to the analysis becoming far too complicated to handle. 
On the other hand, the effect of residual stresses induced during the damage 
process was considered. By allowing a more relaxed convergence criteria for 
the simulation of the unloading procedure of the denting test, the effect of 
residual stresses could be included, by superimposing the appropriate external 
loading on the dented stressed models. Nevertheless, this exercise was still not 
an easy task, if all the various levels of damage involved in the experimental 
programme were included. Therefore only one level of damage was considered 
for each series of model. This approach posed little problem for the 
ring-stiffened cylinder because there basically only one level of damage had 
indeed been considered in the test. For the unstiffened model, the magnitude 
of dent depth for Shells T2 and T4 only differed by 0.4 mm which was about 
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half shell thickness. The use of a higher magnitude of damage, that was 4.2 
mm, should therefore produce a more conservative prediction. 
Unfortunately, the analysis of the residual strength for the T-ring stiffened 
model could not be pursued due to the removal of the analysis package from 
the University computer. Nevertheless, with the interaction curve for the 
intact perfect shells and the experimental results, an estimation of the 
knockdown of strength of the damaged T-ring stiffened cylinders may be 
discerned. 
The interaction curve for the damaged unstiffened shells is shown in Fig. 6.32, 
together with the corresponding test results. Also shown in this figure is the 
interaction curve from the analysis results of the imperfect intact unstiffened 
model shown in Fig. 6.23. The analytical predictions have overestimated the 
axial strength of Shells T2 and T4 by 25% and 32% respectively. 
When the damaged model was subjected to uniaxial compression, the buckling 
mode consists of a mixture of periodic and axisymmetric type of deflection as 
shown in Fig. 6.33. The damaged zone was deflecting inward with increasing 
axial loading whilst the area at the immediate vicinity of this region was 
deflecting outward. This antisymmetric deflection characteristic was very 
similar to that observed during the test of Shell T2. Starting at about 250 from 
the dent centre line, another lobe of inward deflection with significant 
magnitude was found to exist which covered an area of approximately 300 of 
the shell circumference. This periodic deflection continue to exist over the 
entire circumference of the model but with magnitude of deflection 
diminished very rapidly. For the neighbouring 300 of the shell 
circumference, an axisymmetric type of outward bugling was also 
experienced, also shown in Fig. 6.33. This deformation characteristics can also 
been observed from the buckling mode of Shell T2. The ultimate stage was 
reached when the von Mises stress at the areas where axisymmetric bulging 
was experienced, become equal to the corresponding material yield limit. The 
von Mises stress distribution for elements along the length of the model at the 
region of 850 - 900 was very similar to that of its intact perfect counterpart, as 
shown in Fig. 6.34, and probably the same case for the cause of buckling. 
Although the von Mises stress on other areas of the shell surface, particularly 
near the dented area, reached the material yield limit at a lower loading, this 
did not constitute an ultimate state of the model. However, there were some 
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reductions in stiffness of the load-end shortening characteristic of the 
damaged model as shown in Fig. 6.35. 
For the combined loading case with an external pressure of 0.4 N/mm2' the 
buckling mode was very similar to that without lateral pressure loading in the 
sense that the deformation profile was dominated by periodic inward 
deflection. However, there was no sign of any axisymmetric bulging being 
experienced, as shown in Fig. 6.36. In fact, the collapse mode at this load 
combination was virtually identical with the other two analyses with constant 
lateral pressure of 0.6 N/mm2 and when the model was subjected to pure 
lateral pressure. There was no definite indication from all these analysis of 
any premature buckling of the damaged zone before reaching the ultimate 
stage. 
Analysis was also carried out for the unstiffened models by ignoring the effect 
of the residual stresses induced during the denting process. Only the deformed 
geometry of the dented shell was incorporated in the finite element modelling. 
The interaction curve from these numerical study is shown in Fig. 6.37. It 
shows a very small difference in ultimate strength for the four loading 
combinations considered and the buckling modes were identical to the 
previous analysis with residual stresses taken into account. The comparison of 
the interaction curves from these two series of finite element analysis clearly 
indicate that the ultimate strength of the damaged unstiffened shells was 
insensitive to the presence of residual stresses induced during the damage 
process, which have effects mainly on the surface stress distributions. 
Therefore only the deformed geometries needed to be incorporated in the 
numerical analysis for the ultimate strength of damaged plain-ring stiffened 
cylinders which would reduced the computing effort substantially. 
The interaction curves for the damaged plain-ring stiffened shell evaluated by 
LUSAS are shown in Fig. 6.38 together with the corresponding test results of 
Shells CIO, RI and R2. Also shown in this figure is the interaction curves for 
the imperfect intact shell analysis extracted from Fig. 6.28 which shown a 
significant reduction in axial load-carrying capacity of the damaged mod els 
when the external pressure was greater than 0.4 N/mm2. 
When the damaged analysis model was subjected to increasing pure axial 
compression, the dented region continue to deflect inward whilst the intact 
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circumference of the damaged panel was dilating outward. This kind of 
antisymmetric deflection characteristics of the damaged panel was rather 
similar to that experienced in the unstiffened shells. The ring stiffener, in 
between the damaged and the adjacent intact panels, was found to distort in the 
lateral direction by a very small magnitude and without any sign of tripping, 
even at the ultimate state. There was virtually no lateral deflection for the 
stiffener closed to the end boundary, at position along the dent centre line, 
which only deflected radially inward by a very small amount. There was also 
sign of axisymmetric bugling type of deflection occurred at the two 
undamaged panels at region about 600 from the dent centre line as shown in 
Fi g. 6.3 9. 
The theoretical von Mises stresses at this region along the length of the model 
at the maximum load level were shown in Figs 6.40 - 6.41. The ultimate state 
was attained when the von Mises stress on the shell surface was equal to the 
material yield limit. Also shown in these two figures is the von Mises stress of 
the intact perfect model at the maximum load level with which good 
correlation with the damaged model's stress distributions have been obtained. 
With a lateral pressure of 0.155 N/mm2' the ultimate axial load was only 
slightly lower than the pure axial case. The Profile of the damaged model at 
ultimate compression loading was rather similar as without external pressure 
which indicated that buckling of the cylinder was predominately due to axial 
compression. However, the deformation profile indicate some periodic type of 
inward deflection and a larger amount of inward deflection of the stiffener 
closed to the end ring. With the presence of the constant external pressure 
loading, the analysis programme experienced convergency difficulty during 
the numerical iterations after reaching the ultimate axial compression. It was 
unable to trace the unloading path and the post collapse deformation profile of 
the model. The deformation profile shown in Fig. 6.42 corresponding to the 
ultimate loading state of this analysis which is different to the periodic 
collapse mode of Shell C10. The numerical prediction of the ultimate load 
carry ing- capacity had overestimated the test results from Shell C10 by 23%. 
When the external pressure component of the combined loading was increased 
to 0.4 N/mm2' the damaged plain-ring stiffened model collapsed analytically at 
an axial stress ratio of 0.51 which overestimated the experimental premature 
failure stress of Shells R1 and R2 by about 291%. However, with a further 
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small increase of extemal pressure to 0.45 N/mm2' there was a sharp reduction 
in the analytical maximum load that can be attained by the damaged model. At 
this pressure level, a reasonable correlation with the test results of Shells RI 
and R2 is achieved, as shown in Fig. 6.38. 
The numerical iteration of these two analysis also had difficulty in obtaining 
convergency although the load-end shortening characteristic of the model 
was rather similar for the various analysis with the presence of constant 
external pressure, as shown in Fig. 6.43. This kind of numerical problem in 
finite element analysis usually exists when the structure experiences sudden 
substantial reduction in loading or increase in straining as would be happened 
in buckling or snap-through type of situations. It was therefore possible to 
postulate that tripping of the laterally distorted ring stiffener occurred, due to 
the inward movement of the damaged area, which was in most cases a sudden 
event. This in turn results theoretically in the cascading "blow in" of the 
dented and the adjacent panels resulting in a catastrophic general failure of 
damaged area. It was very likely that this situation with large decrease in 
strength and significant distortion of the model was responsible for the 
convergency difficulty of the analysis programme. This hypothesis can be 
visualised from the sudden reversal of the analytical lateral deflection at the 
tip of the stiffener near to the damaged section, as shown in Fig. 6.44. This 
characteristic also happened on the stiffener closed to the end ring as shown 
in Fig. 6.45. 
For the pure external pressure loading case, the deformation profile of the 
damaged model at the ultimate state was very similar to that as with a lower 
magnitude of external pressure. Reversal of the lateral deflection of the 
stiffener near to the damaged section was experienced when the pressure 
loading was closed to the maximum level as shown in Fig. 6.46. At the same 
time, there was substantial increase in lateral deflection of the stiffener near 
to the end ring with which signified the onset of general failure of the 
damaged zone. The periodic inward deformation of the shell panel, at the 
maximum load level, can be seen more clearly and with sign of axisymmetric 
type of inward deflection at the intact panel closed to the end ring at positions 
some 800 from the dent centre line as shown in Fig. 6.47. The maximum 
pressure attained was 0.48 N/mM2 which was much lower than its intact 
perfect counterpart. 
294 
6.4 Discussions 
The ultimate strengths of the intact unstiffened and ring-stiffened test models 
have been evaluated by using the design codes, an axisymmetric finite 
element programme and the commercial finite element package LUSAS. 
Comparison with the results from experiments on the small scale test shells 
indicate that the design codes evaluation of the load carrying capacity tends to 
be rather conservative. This is probably necessary for the design of structure 
components used in offshore environment which involves a significant 
number of unpredictable and, in some cases, uncontrollable factors. With the 
difficulties encountered during the incorporation of the initial geometric 
imperfection into the analysis, the axisymmetric finite element programme 
was shown to be unsuitable for the current investigation although it had been 
used successfully in other cases. 
By introducing the measured initial imperfection in the LUSAS finite element 
models, a reasonable correlation between the numerical and experimental 
results has been obtained. These analyses demonstrate the importance of the 
appropriate selection of modes of imperfection which have a strong influence 
on the numerical prediction of the ultimate strengths of the cylinders. The 
analyses carried out on the ring-stiffened models predicted a local panel 
collapse which was in line with the design code proposition. However, the 
finite element analysis making use of selective segments of the shell 
circumference, isolated the load carrying characteristic of the segment from 
the rest of the model. The interaction between different modes of 
imperfection occurring in the cylinders therefore could not be simulated and 
the corresponding effects probably explained the small differences between 
the analytical and test results. 
Despite the difficulty encountered in tracing the post-ultimate behaviour of 
the damaged shells, the numerical investigation provided a reasonable 
correlation with experimental results, particularly for cases with loading 
predominated by axial compression. The damage affected zone mainly acted as 
a weakened area with the axial loading being redistributed and concentrated at 
the area outside this region. The ultimate stage arrived when the von Mises 
stresses of the shell panel remote from the damage approached the collapse 
stress of the corresponding intact perfect shell. The rest of the shell 
circumference appeared to be insensitive to the antisymmetric deformation 
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around the dented region. 
The analytical investigation also tended to suggest that with the presence of 
the damage, the influence due to initial geometric imperfections, on the 
load-carrying capacity of dented shells diminished. It also indicated the 
effects of residual stresses induced during the damage process was minimal. 
The satisfactory correlation of numerical and test results for the damaged 
plain-ring stiffened shell with loading predominated by axial compression 
enhanced this observation. 
The use of uniform end shortening for the simulation of axial compression on 
the models eliminated the rotation of the heavy end ring and any eccentricity 
of load application due to the presence of damage. This therefore resulted in a 
tendency of a optimistic prediction of the residual strength by the analytical 
model. However, the effects appeared to be small as indicated from the close 
correspondence of results. 
With the introduction of lateral pressure, the numerical study suggested that 
the buckling behaviour of damaged shells was more complex than for their 
undamaged counterparts and correlation between analysis and test results 
shows wider scatter. Nevertheless, the analysis also indicated a bigger 
reduction in ultimate strength for the damaged shells when the load 
combination consisted of a higher component of external pressure. Since the 
analysis was unable to trace the post ultimate behaviour of the damaged shell 
for these loading cases, a positive identification of the buckling mode of the 
damaged plain-ring stiffened shells could not be obtained. However, the 
buckling mode of the corresponding intact model indicated that stiffener 
tripping was a major factor responsible for the buckling of Shells RI and R2 at 
the load combination they have been experienced. With the laterally distorted 
ring-stiffeners adjacent to the damaged panel, tripping of these stiffeners was 
therefore even more likely to occur, leading to a premature buckling of the 
damaged zone over the entire length of cylindrical shell. It also enhanced the 
experimental observations that with a torsionally stiffer design of the 
stiffeners, the T-ring stiffened shells were able to maintain a more stable 
inter-ring buckling instead of a catastrophic general collapse of the damaged 
zone. 
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Fig. 6.17 Failure Mode of T-Ring Stiffened Shell 
under Uniaxial Compression. 
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Fig. 6.19 Failure Mode of Unstiffened Shell 
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Fig. 6.21 Failure Mode of T-Ring Stiffened Shell 
under Pure External Pressure. 
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CHAPTER 7 
CYCLIC LOADING OF DAMAGED SHELLS 
7.1 Introduction 
Foregoing Chapters have concentrated on the quasi-static collapse behaviour 
of cylindrical shells with imposed localised damage. It was shown from the 
results discussed so far together with works presented by other researchers 
[refs 77,83] that the form of loading is significant in determining the degree 
of reduction in strength. If the shells are subject to axial compressive load 
only, the reduction in load carrying capacity is approximately proportional to 
the degree of damage, i. e. the proportion of the length of damaged shell 
perimeter to the perimeter length of undamaged region. It was less than had 
been anticipated for shells loaded primarily in axial compression. If the shell 
is subjected to external pressure loading in addition to axial compression, it has 
been found that the reduction in strength is more severe and not related 
simply to the extent of the damage. 
It may be surmised that so far as quasi-static loading is concerned the work 
presented in previous Chapters has resulted in a good understanding of 
strength characteristics of shell either in the as-made form or in a damaged 
state. This is not to say that there is not a requirement to investigate a wider 
range of loading and geometric parameter; nevertheless, for the parameter 
ranges currently used in offshore practice, a good basis of knowledge has 
been developed. It appears that for a small level of damage, an axially 
compressed shell will suffer only a small loss of strength and can remain in 
service, at least until repair can most conveniently be performed. The 
introduction of the latest design code will require an offshore installation to 
be capable to continue servicing with minor damage on its structural members 
for up to one year without major repair. During this period when the damaged 
shell is in service, it will be subjected to cyclic variations in the applied 
loading, due to wave and wind loading on the structure as a whole and fatigue 
failure may therefore be induced. In this particular area, there is very little 
information on the behaviour of shells subjected to such loading and 
especially when the structural component has been locally damaged. 
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Fatigue integrity of structural components has always been a major concern 
during the design and inspection of offshore installations. In some cases, this 
problem has dominated the design strategy of the structure framework of 
offshore platform. Within this broad area, stress analysis or the evaluation of 
stress concentration factors in the structural components has constituted one 
of the major part of research activities. In the last two decades, fatigue 
investigations in offshore structures has been mostly concentrated in the 
joints of tubular members where intricate geometry and the fabrication 
process of these joints giving rise to high local stresses. Particularly in 
Britain, a very well organised research programme [refs 154 - 155], which 
covered a wide range of joint geometries, material behaviour, load amplitude 
and environmental conditions, has been carried out. With knowledge and 
information accumulated from completed or current researc h programmes, 
the methods for the evaluation of the stress concentration exists in this type of 
structural components is reaching a codifiable stage. At least, information has 
been organised to provide guidance to designers and inspectors at the present 
time [ref. 1561. 
In addition to tubular joints, areas with high local stresses are also 
experienced in thin-walled cylindrical members which are used extensively 
in offshore structures. In offshore application, these members may be formed 
by rolling and fabrication by welding processes during which inevitable 
residual stresses and deviation from perfect geometry will be built up. As a 
result, hot spot for fatigue crack initiation and propagation will be generated. 
It was recently that investigations have been carried out by Walker et al [ref. 
123] on the cyclic behaviour of thin-walled shells subjected to compressive 
load by using small scale ring and stringer stiffened models. It was shown that 
fatigue cracks were initiated at high stress region and propagated, in most 
cases, near the end boundary. Although the cracked models can still carry a 
high percentage of axial load before buckling, the effects are quite serious in 
nature particularly with the presence of external water pressure. 
As shown in Chapter 5 and results from other researchers, areas with high 
local stresses exist at the damaged zone of dented shells when subjected to 
external loading. This therefore creates additional sources of stress 
concentration and damaged cylindrical member will become more vulnerable 
to fatigue cracking. 
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Extending from that background of research, the following investigation 
seeks to elucidate the possible incidence of fatigue cracking in shells which 
have suffered damage and are subsequently subjected to cyclically varying 
axial compressive loading, and in some cases, in combination with pressure 
loading. The testing involves the use of small scale steel shells which were 
involved in denting tests as described in Chapter 3. It should be understood 
from the outset that the research study in this phase of investigation is in 
essence a pilot study. The results of small scale tests involving fatigue cannot 
be translated directly for use in practice. 
Firstly, as far as fatigue and fracture are concerned, it is well known that the 
characteristics are sensitive to the variation of the thickness of the structure. 
For thinner shell thickness, a steeper stress gradient across the thickness will 
be experienced with the same magnitude of surface stress which means that 
the crack will propagate at a lower rate in the through -thickness direction. 
The fatigue life obtained from small scale test are therefore unconservative. 
Furthermore, in order to maintain the appropriate Rlt ratio for the test 
specimens, the thickness of shell wall is rather thin so that once cracking has 
been initiated, it is unlikely a plain strain condition can be achieved at the 
crack tip which is the real condition that will be encountered in the full scale 
structure. This will also lead to a unconservative fatigue life prediction. 
Secondly, the small scale test models had been subjected to post-weld 
heat-treatment except for the final welds to the heavy end rings. This means 
the residual stresses induced during the welding of the stiffening rings to the 
shell skin have all been relieved which is probably not the general practice 
for the full scale structure. It is possible that for full scale structure, fatigue 
cracks will be initiated at these regions of residual stresses before occurring at 
the damaged area. The position of occurrence will depend on the nature, i. e. 
tensile or compressive, and the relative magnitude of concentration of the 
stresses and strains. 
Finally, due to the inevitable statistical nature of fatigue and fracture 
phenomenon, tests on just a few specimens can hardly provide representative 
results. There is therefore no intention of quantifying the fatigue life of the 
damaged shells for both the test models and the full scale structure. 
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It should also be realised that the range and type of damage and the loading 
spectrum considered here has been severely restricted by avail able time and 
funding. In the present research, the damage took the form of straight edged 
dent at mid-way between the ends of the model which may be a typical type of 
damage inflicted when a supply boat impacts its stern on to the cylindrical 
member of offshore installations. From the test results discussed in Chapter 3, 
for the same amount of impact energy, the magnitude of dent depth will be 
more significant when impact occurs at the mid-span than when it happens 
closer to the heavy end-rings, for example, quarter span position. Under static 
axial compression, this form of damage was found to be more deteriorative 
than an alternative, more rounded dent shape with similar magnitude of 
damage. Of course, there are other forms of damage which can occur in 
practice and thus the results of this phase of research must be interpreted 
cautiously when it is to be applied to practical shells with other forms of 
damage. 
The emphasis in the experimental study in this phase of the research 
programme has been to establish the stress and strain distribution in the test 
models, which have complete validity to be directly related to the full scale 
structure, and to correlate them with theoretical predictions. In turn, it is the 
intention to establish if such stress patterns could lead to severe fatigue 
cracking in a regime of cyclically varying loading and investigating in a 
preliminary manner the factors which have the greatest effect. 
The following Sections present the methodologies of the testing and the 
general experimental observations. A vast amount of strain gauge data was 
obtained during the tests, but they are not presented in full detail in this 
dissertation. Some typical results from these tests are presented in the 
following Sections and some are discussed in the next Chapter during the 
analytical investigation of the stress and strain distribution in externally 
loaded damaged cylinders. 
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7.2 Experimental Investigation 
Ten shells were tested in this phase of experimental study, four were 
unstiffened (T5 and V1 - V3), three had plain ring stiffeners (V4 - V6) and 
three had T-ring stiffeners (V7 - V9). 
All the shells were dented at mid-length except Shell T5. The depth of the 
residual dent, i. e. that remaining after the denting load had been removed, for 
each of the specimens is shown in Table 7.1, together with the maximum 
loading ranges which were applied to the shells. For some of the 
ring-stiffened models, there were alterations to the dent depth and/or to the 
loading ranges in order to maximise the amount of information that can be 
obtained from such a limited number of tests. 
Subsequent to the denting tests as described in Chapter 3, the shells were 
further strain gauged in some models, or fitted with crack detection gauges, at 
zones considered to be most relevant to the possible development of surface or 
through thickness cracks. 
For the testing of the ring-stiffened shells, under combined loading condition, 
the model was mounted in the hyperbaric chamber of the structure testing rig 
and subjected to external pressure. The actuator was coupled to the shell end 
plates and an axial load slowly applied in conjunction with the pressure. At all 
these stages the values of strain were continuously monitored. The pressure 
was maintained constant throughout the test while the axial load was varied 
across a specified range with a magnitude which varied sinusoidally with time. 
The testing of the unstiffened models were carried out under cyclic axial 
compression only and therefore mounted on the testing rig without using the 
hyperbaric chamber. 
The rate of axial loading was 10 Hz and was applied in a manner such that it 
always maintained a compressive mean level as shown in Fig. 7.1. The 
variation of magnitude was carefully controlled so that the maximum level in 
the cycling range was at the desired level. The minimum magnitude was 
maintained just above the zero compression level, without passing through to 
the tension side, in order to maintain a definite control of the actuator of the 
testing machine. 
327 
The levels of strain and the crack detection gauges were monitored through 
out the initial setting-up stage and during cycling was progressing. At preset 
intervals the shell was inspected visually. 
When the cracking had developed to a significant degree the cyclic loading 
was terminated and the shell subjected to slowly increasing axial load until 
failure occurred. It has to be borne in mind that the use of air as the 
pressurising agent during the small scale test enabled a constant pressure to 
be maintained even with the existence of a through-thickness crack. It is 
quite unlikely that a full scale structure would be allowed to continue its 
normal operation once leaking had been detected due to the existence of 
cracking. The idea of loading the test models continuously after cracks have 
been detected was to provide information on the rate of crack propagation (not 
in the thickness direction) and the likelihood of crack arresting due to 
variation of stresses with the presence of through-thickness fatigue cracking. 
In addition, the redistribution of loading on the cracked model is extremely 
complex to investigate even with the most sophisticated analytical tools 
available at the moment. Thus the collapse tests of the cracked models have no 
direct significance for quantifying the residual strength of damaged and 
cracked cylindrical structures. It may only serve to provide some information 
for postmortem exercise after any unfortunate accident. 
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7.3 Unstiffened Shells 
These shells were tested at the outset of the programme to gain a measure of 
the possibility of fatigue cracks occurring at the damage zone. Compared to 
the ring stiffened shells, reported later, relatively few detailed results were 
obtained on the strain distributions in the damaged shells. However, the 
results which were obtained and the comparisons with the corresponding 
analysis were invaluable as a basis for the design of the test procedures of the 
tests on the more expensive and practically more relevant ring stiffened 
shells. 
A nominally identical model, shell TI, to those considered here had been tested 
and had failed at a quasi-static value of longitudinal axial compression of 
204.5kN (refer to Chapter 5). This gave some guidance to the maximum load to 
be used in the cyclic tests, in this case, a maximum axial compressive load of 
100 kN and a zero value for the minimum load. Thus the maximum load was less 
than 50% of the expected collapse and a bout 80% of the design load according 
to accepted offshore design codes. 
For the three damaged shells tested under cyclic axial compression, they were 
previously denoted as Shells T6, T7 and T8 during the denting test. They are 
denoted as Shells VI, V2 and V3 according to the naming convention used in 
the following sections. 
7.3.1 Shell T5 
This shell was tested as a control model which provide a basis of comparison 
for other shells in this series of test. The model was tested in its intact 
condition without any damage inflicted on the shell skin. No sign of any 
fatigue cr ack was ob served even after a prolonged test of 11 million 
load 
cycles. Subsequently, the model was tested to collapse at an axi al compressive 
load level of 208 kN with failure mode was almost the same as Shell TI and 
therefore confirming good repeatability of experiments. 
7.3.2 Shell VI 
Shell VI had a dent depth of 4.15 mm, i. e. approximately five times the skin 
thickness, and after about 3 million cycles of loading cracks were observed at 
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the ends of the damage zone. Figure 7.2 shows a view of the cracks on the 
outside of the shell as they had developed after 3.8 million cycles of loading 
which was found to be approximately 40 mm in length. Figure 7.3 is the 
corresponding view on the inside of the shell, showing that the cracks had 
penetrated through the thickness of the shell skin. During the cycling test, 
the fatigue cracks were found to open up at zero compression and closed 
completely when the applied load was at the maximum level. 
The shell was subsequently loaded to failure by being subjected to an 
increasing value of axial compression until buckling occurred. Figure 7.4 
shows the radial deflection at the damage zone plotted against the 
corresponding load. It may be seen that the shell behaved in a substantially 
linear manner up to a load very close to the collapse load of 158.4 kN, even 
though it was damaged and had substantial cracking. It also showed the 
typical antisymmetric mode of deflection near the damage zone. Throughout 
the collapse test, no sign of any crack extension was observed and the model 
buckled axisymmetric ally with bulging occurring at about 13 mm from the top 
end ring followed by periodic inward deflection lobes. 
7.3.3 Shell V2 
This model was damaged with a residual dent depth of 1.89 mm. Through 
thickness fatigue crack was first noticed at about 3 million cycles on one 
comer of the de nt with a length of 32 mm. No crack detecti on gauges were 
employed in this model and the crack length was measured by using a vernier 
calliper with the aid of dye penetrant. As cycling continued, this crack was 
found to extend at both ends and the cycling test was stopped until about 3.2 
million cycles wi th the c rack extended to about 77 mm. 
This model was fitted with six strain gauges arranged in pairs on the internal 
and external surface in the axial direction, as shown in Fig. 7.5 subsequent to 
the dent being imposed on the shell. Figures 7.6 to 7.8 show the measured 
value of strains at the gauge positions plotted against the corresponding loads 
during the first fatigue cycle. As shown in these figures, the longitudinal 
membrane strains were highly nonlinear in nature at positions near the dent 
comer. The degree of nonlinearity decreased with increasing distance away 
from the comer and approaching the nominal value at about 40 mm from the 
dent corner, position 3. It may also seen that substantial bending was taking 
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place as the load was increased and that the strain on the external surface of 
the shell at the edge of the dent, position 1, was close to the yield value for the 
material. However, the strain was compressive in nature which would tend 
not to develop cracking of the material. Nevertheless, as Fig. 7.9 shows, 
substantial cracking did indeed develop after about 3 million cycles. Figure 
7.10 shows the corresponding positions on the inside of the shell, confirming 
that the cracks were through thickness. These photographs show the shell in 
its failed state after it had been subjected to its buckling load value of 188 kN. 
The buckling mode was similar to model V2 and no sign of any crack or dented 
region extension was observed. 
7.3.4 Shell V3 
Shell V3 had a residual dent depth of 0.8 mm which was roughly equal to its 
maximum initial imperfection magnitude. After being subjected to 3.5 million 
cycles of loading no cracking was observed at the damage zone. Some 
crackings was observed at the perimeter of the supports running in the 
circumfere ntial direction and covering about 450 of the shell perimeter at the 
end of the cycling test. 
The shell was loaded to failure at 174 kN. Figure 7.11 shows an exterior view of 
the collapsed shell after removal of the end rings. Figure 7.12 shows exterior 
view of the same shell 1500 away from the dent centre line at where 
circumferential fatigue crack had been experienced near the end ring 
boundary. The collapse mode of the model was axisymmetric with bulging 
initiated at positions shown in Fig. 7.11 extending around the shell's perimeter 
until the model buckled into periodic lobes of inward deflection. In this case, 
the dented region could not maintain its original profile and the area around 
the dented region deformed as part of a periodic lobe. 
331 
7.4 Plain Ring Stiffened Shells 
The models in this series of tests were of the same design as RI and R2. A lot 
more information about the stresses distribution was therefore available from 
the test results of these two shells as discussed in Chapter 5. Nevertheless, the 
layout of the strain gauges on these two models was designed to provide an 
overall picture of the behaviour of the ring stiffened shells during the 
damage infliction process and the subsequent load carrying capacity when 
subjected to external loading. However, in order to obtain more detail localised 
stress and strain patterns near the damage zone which was importance for the 
interrogation of the occurrence of fatigue cracking, special attention was 
therefore concentrated at these regions during the subsequent tests. 
Furthermore, in order to avoid localised buckling of the model at the damaged 
zone, the constant hydrostatic pressure applied during the cycl ing test was set 
to 0.25 N/mm2 for the ring-stiffened models, except Shell V4. With this 
magnitude, a more realistic pressure loa ding than would exist on the full scale 
structure could be simulated. This was a difference from the experimental 
strategy of shell RI and R2 where the ultimate strength of the damaged 
structure was of major interest. 
7.4.1 Shell V4 
Shell V4 was dented to a residual depth of 6 mm and had been fitted with two 
crack detection gauges on the surface at the extremities of the dent comer. 
These positions were thought, based on the plain cylinder test results, to be the 
most likely zones for the initiation of the fatigue cracks. The direction of the 
axis of the gauges was arranged to be normal to the dent line in order to detect 
the initiation and propagation of fatigue cracks running in the 
circumferential direction. No other strain gauges were fitted to the shell since 
the primary objective was to obtain guidance for the most effective 
arrangement of strain gauges to be applied to the other two plain ring 
stiffened shells. 
The cyclic load was varied in a range from 0 to 74 kN at a rate of 10 Hz and the 
maximum load was about 33% of the squash load of an undamaged shell of 
similar geometry measured in another test programme [ref. 
96]. No external 
pressure was applied on the model during the cyclic test so that observation of 
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both the deformation and any initiated cracks could be made visually without 
the obstruction of the hyperbaric chamber. During the cycling test, the radial 
deflection at the damage zone was very significant which can seen without 
any visual aids. 
The limitations of the memory storage space on the data logging system 
required that the detection gauges were scanned at intervals of 30 minutes and 
each data block stored, therefore, corresponded to 1.8 x 104 cycles of loading. 
In the event this proved not to b e sufficient to detect the onset of cracking nor 
to monitor the development of the crack. In contrast to the plain cylinder 
which had required about one million cycles before cracking occurred, the 
first sign of cracking was exhibi ted on shell V4 after only about 3.6 x 104 
cycles. Furthermore, the rate of extension of the cracks was very rapid so that 
by 9.6 x 104 loading cycles the cracks were above 20 mm long. The crack 
detection gauges had been broken through at this stage. The fatigue test was 
stopped after 2x 105 cycles of loading with the final cracking length at the 
dent comers being greater than 60 mm. During the cycling test, the opening 
and closure of the fatigue cracks during the minimum and maximum axial load 
level could be seen clearly, even without the use of dye penetrant. 
Subsequently, the fatigue cracks were sealed with rubber sealant and the 
hyperbaric chamber was mounted on the testing rig for combined loading 
collapse test. The major purpose of this test was to examine the efficacy of the 
crack sealing method and the pressuring system to accommodate the 
depressurisation when the crack opened up due to the buckling of the model. 
In fact, it was proved in the subsequent tests, that the sealing of the cracks was 
unnecessary and the use of air as the pressurising agent was very effective. 
The shell was loaded to failure by being subjected to external pressure and 
simultaneously slowly increasing magnitude of axial compressive loading. The 
pressure was maintained constant at 0.25 N/mm2 and the maximum load 
attained was 69.7 kN. The buckling mode shape was complex consisting both 
periodic deflection lobes of the shell panels containing within two adjacent 
stiffeners and substantial buckling of the damage zone along the whole length 
of the cylinder, making the collapsed shell looks like the failed model RI. 
Figure 7.13 shows the shell with the development of fatigue cracks at the 
damage zone after the collapse test. It was not clear which mode initiated the 
collapse of the shell since air was used as the pressurising agent which 
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essentially meant a load controlled type of experiment. Furthermore, buckling 
occurred inside the pressure chamber making the observation of the initial 
deformation characteristics very difficult. Nevertheless, it is suspected that 
the latter mode of buckling was responsible for the triggering of the overall 
collapse of the test shell. 
7.4.2 Shell V5 
From the test results of shell V4, the fatigue cracks were initiated after a very 
low number of loading cycles which may be due to either the high magnitude 
of damage or the apply cyclic loading. It was therefore decided, for this model 
shell V5, to start with a smaller damage to examine the possibility of a lower 
limit of dent depth that fatigue crackings would not occur at the damaged zone. 
This phenomenon had been experienced during the fatigue tests of the 
unstiffened models. 
The shell was dented to a residual depth of 1.87 mm and strain gauges in the 
longitudinal and circumferential directions were bonded to the interior and 
exterior surfaces of this shell at the locations shown in Fig. 7.14. The gauges 
were intended to provide strain values which could be compared with 
analytical predictions discussed in the next Chapter. Since the strain gauges 
were bonded to the shell skin before the denting test, they would therefore 
provide information on the variation of strains during the damage simulation 
process. Particularly, the pattern of residual strains was of particular interest 
because it might play a significant role on the initiation and propagation of 
fatigue crackings. 
The strain distributions at the four positions for the maximum level of loading 
and residual dent depth are shown in Figs 7.15 - 7.17. In these figures, only 
the strain values in the longitudinal direction are shown. These are relevant 
to the mechanism of the initiation and propagation for cracks running in the 
circumferential direction. The strain gauge results are joined by straight 
lines mainly to assist the description of test results. As shown by Fig. 7.16, the 
longitudinal strain on the internal surface of position I was well above the 
material yield value and tensile in nature. More relevant to the cracking of 
the model was the residual strains locked in the damaged zone after the 
denting test. At this stage, it was also the result at position 1 which showed a 
significant tensile strain. 
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The subsequent cyclic loading test was carried out after re-initialisation of the 
strain gauges. This process was primarily concerned with recording the 
strain values at the four positions under the apply external loading alone so 
that the strain gauges data was independent of the residual levels left behind 
from the denting test. Moreover, the strain gauges data at some of the 
positions were well above the material yield limit after the denting test 
making the evaluation of stress values based on elasticity principle invalid. It 
is the stress that is more relevant to the current investigation of fatigue 
cracks initiation and propagation in the test models. 
The shell was loaded with a constant hydrostatic pressure of 0.25 N/mm2 and a 
sinusoidally varying axial compression of 0 to 37 kN. The maximum load level 
of each cycle was therefore half of that applied on shell V4 such that a longer 
fatigue life can be expected. 
Figure 7.18 shown the circumferential stresses at the four positions at the 
maximum pressure. It indicated clearly that most of the strain values were 
compressive in nature. In the longitudinal direction, the characteristic was 
also similar as shown in Fig. 7.19. 
Figure 7.20 shows the longitudinal stresses at the maximum load level of the 
axial compression phase of the combined loading test. At position 1, the 
internal surface stress go up to about 150 N/mm2. The cycling range due to 
the variation of the axial loading was about 140 N/mm2 as shown in Fig. 7.21. 
At position 2, the variation was in a different direction from position 1, the 
stress values reduced from its maximum tensile level to about zero at the 
maximum compressive load. Stress values at positions 3 and 4 also show sim ilar 
characteristics. 
In the circumferential direction, the change in magnitude from zero to 
maximum axial loading was much smaller. The maximum variation occurred at 
position 1 and was less than 40 N/mm2 whilst the other 3 positions were 
virtually unchanged. 
After 1.5 x 106 cycles of loading no cracking was observed and in an attempt to 
determine the increase of stresses induced by a greater dent depth, the shell 
was dented to a bigger residual depth of 3.05 mm. At this stage, some of the 
strain gauges at position I have been damaged while the strain value at 
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position 2 start to pick up a significant magnitude as shown in Fig. 7.22. The 
longitudinal strains at the other positions, after removal of the denting load, 
remain rather small as shown in Fig. 7.23. 
Again, the surviving strain gauges were reinitialised and the shell was loaded 
in a similar manner to that previously used with the same magnitude of 
external pressure and cyclic axial compressive loading. 
During the pressurisation test, substantial bending had been experiences in 
the circumferential direction at position 2 with stresses at the internal surface 
above 200 N/mm2. Nevertheless, the stresses evaluated was mainly in 
compression as shown in Fig. 7.24. 
During the axial loading phase of the cyclic test, there were rather small 
change in stress magnitude in the circumferential direction with increase in 
axial compression for the remaining gauge positions. In the longitudinal 
direction, the external surface stresses at position 3 have increased by about 
60N/mm2 in tension at the maximum load level which was almost zero during 
the previous loading test with a smaller dent depth. Also very interesting was 
that the stress at position 2 become compressive as shown in Fig. 7.25. 
After 3x 106 cycles of loading no cracks were observed and during the attempt 
to raise the axial loading to a higher level, the test was halted due to an 
unexpected power failure. The sudden lost of control of the actuator caused the 
test model collapsed prematurely. Nevertheless, a significant amount of strain 
gauge results had been recorded during the previous two tests on this model. 
7.4.3 Shell V6 
The residual dent depth for this model was 3.58 mm. Strain gauges and crack 
propagation gauges were bonded to this shell after the denting process was 
completed. The positions of the various gauges are shown in Fig. 7.26. 
The damaged shell was subjected first to a pressure of 0.25 N/mm2 and then to 
an axial compressive load varying sinusoidally from zero to 37 kN at a rate of 
1OHz, that is the same as shell V5. After 106 cycles no cracking was detected 
and the test was terminated. 
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Before the commencement of the second fatigue test, a single cycle of pure 
axial compression load, without external pressure, had been applied on the 
model. The purpose of this additional test was purely to provide extra strain 
gauge data for the comparison with analytical predictions. The maximum load 
level was as high as 90 kN and the longitudinal stresses distribution was shown 
in Fig. 7.27. For both the external and internal surface, they were 
predominantly compressive in nature. 
The range of the cyclic axial loading for the second fatigue test was increased 
to 70 kN. The longitudinal stress distribution at these gauge positions at the 
maximum load level were shown in Fig. 7.28. They were predominantly 
compressive and it was only at position 1 that the external surface stress was 
tensile. However, the variation in tensile stress with change in axial load at 
this position was very small. It was also interesting to find that the 
circumferential stress on the external surface at positions I and 2 experienced 
tensile stresses with some significant magnitude as shown Fig. 7.29. The stress 
range was as high as 200 N/mm2 at position 1 and over 100 N/mm2 at position 2 
despite that the damaged model was under a constant hydrostatic pressure. 
This would therefore indicate a very high level of local bending at these 
positions which was very likely to be induced as an effect of the differential 
deflection between the damaged zone and the rest of the shell circumference 
Le the antisymmetric deformation. In the longitudinal direction, bending in 
these two positions were also very high whilst it was very small at positions 3 
and 4. 
And after about one million cycles the crack detection gauge readings 
indicated the presence of a crack and the cycling test was allowed to continue. 
During this period, the pressure monitoring instruments indicated that the 
pressure within the hyperbaric chamber was very stable, only reducing by 
about I psi occasionally. During this extended cycling period, the fatigue 
crack was found to be continuously growing. The rate of development of the 
crack is indicated by Fig. 7.30 in which each step increase in resistance marks 
the progress of the crack through the strands of the gauge. 
After about 1.45 x 106 cycles the loading was terminated and the state of the 
damage zone is as shown in Fig. 7.3 1. The crackings were found to 
be quite 
substantial, spanning within and outside the damage zone. 
It was quite clear 
that these fatigue cracks propagated in both direction around the mid-section 
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after initiation took place at area near the dent comers. 
The shell was then subjected to external pressure of 0.25 N/mm2 and a slowly 
increasing value of axial compression unt il failure occurred at 82.5 kN. Figure 
7.32 shows the buckled mode of the shell which interestingly consisted of 
periodic deflection lobes concentrated at the panels near to the end rings and 
remote from the damage zone. It was interesting to see that there was no 
extensive buckling at the damage zone which woul d indicate the dented and 
cracked region of the model have little contribution to the buckling mode. It 
appears that it merely reduced the lo ad-carrying circumference of the test 
shell. 
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7.5 T-Ring Stiffened Shells 
All the shells in this series, had the same geometry as model R3 and R4 and all 
were indented prior to loading by being subjected to constant external 
pressure and to axial compression of cyclically varying intensity. The rate of 
cycling was 10 Hz for all the models and the tests were performed in a similar 
manner to shell V5 and V6. The testing pressure could be applied was less 
restrictive since it was shown from the tests of shell R4 that the model could 
able to withstand a pressure of 1 N/mm2 without premature buckling at the 
damaged zone. Nevertheless, it was decided that the external pressure should 
maintained at 0.25 N/mM2 which would allowed a direct comparison of test 
results for the two different design of ring stiffened models. In turn, it would 
give a better indication of the dominant factors for causing fatigue cracks of 
these damage shells. 
7.5.1 Shell V7 
The layout of the strain gauges bonded to this shell is shown in Fig. 7.33 The 
gauges were all aligned in the longitudinal direction and were single element 
gauges with which only strains can be measured. A single element gauge was 
also attached on the top surface of the flange of the T-section stiffener after 
the denting test. 
The layout of strain gauges for this model was intended to obtain a more 
comprehensive survey of the longitudinal strain distribution around the 
damage zone, with half the number of strain gauges that would be required if 
stress data were measured. It is assumed that if analytical predictions and 
experimental measurement shown good correlation for the strain values, the 
stress values from the analytical prediction should also be reliable. Therefore, 
residual stresses can be predicted by analysis rather than measurement 
during the denting test which is a very difficult task. 
During the denting test, strain values were taken at various loads 
corresponding to the maximum value of indenter load and to the zero value of 
loading. The dent depth at the maximum lateral load level was 4.25 mm and the 
residual dent depth was 3 mm. The final strain results at the end of the 
denting test therefore represented the residual strains frozen in the model. 
339 
The longitudinal strain distribution at the maximum denting load and the 
corresponding residual strains after the load have been removed are shown in 
Figs 7.34 - 7.35. The strain results in these figures were plotted to show the 
strain distributions at the various positions around the circumference of the 
four row sections. 
At the maximum denting load level, it was only at gauge positions close to the 
dented region which experienced significant surface strain values as shown 
in Figs 7.38 and 7.39 for the external and internal surface, respectively. At 
gauge positions 4 and 5 remote from the damage zone, the strain values are less 
than the yield strain of the material. 
For gauges located at the row 1 section, the strain distribution was most 
interesting. On the external surface, it was mostly compressive in nature for 
gauge locations 1 to 3 whilst on the internal surface, they were mostly tensile 
showing very significant amount of bending. This can be easily understand 
because the row I section is adjacent to the stiffener at which the denting load 
was imposed. The longitudinal strain distribution is very localised, attaining 
the maximum tensile level on the internal surface at location 2 and reduced 
substantially at location 3 which is only 8 rnm apart. It is actually between 
these two gauge positions that the geometric residual dent comer was located. 
At row 2 section, maximum tensile strain was experienced at gauges on the 
external surface along the centre line of the damage zone. This high level 
straining would indicate the effect of the existence of aa very stiff boundary 
condition which is most likely due to the ring stiffener. In fact, it was about 3 
times the strain experienced at the corresponding gauge location at row 4 
which means that the ring stiffener acts as a barrier to the progression of the 
damage zone. This behaviour was also demonstrated by the significant 
difference in the external surface strain values at gauge rows 2 and 3, which 
indicate a discontinuity of curvature of the deformed panels on the two sides of 
the undamaged ring stiffener. 
After removal of the denting load, some recovery of strains were experienced 
at all the gauge positions and the picture of the residual strain distribution 
remained very simi lar to that of under loading as sho wn in Figs 7.36 - 7.37. At 
locations 4 and 5, the strain became virtually zero whilst the maximum strains 
at rows 3 and 4 were at about the material yield level, at positions along the 
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centre line of the damage zone. With this pattern of strain distribution, 
fatigue cracking will tend to occur at the damage affected panel and 
particularly at an area around location 2 due to the high level of residual 
tensile strain. This may also indicate a high magnitude of residual stress and 
hence a hot spot for fatigue cracking. 
Subsequently, the damage shell was subjected to a pressure of 0.25 N/mm2 and 
to varying values of axial compressive load. In the first stage of the test the 
shell was subjected to cyclic axial load ranging from 0 to 60 kN. During the 
first fatigue cycle, strain gauges reading were taken and the distributions are 
shown in Figs 7.38 - 7.40. 
At gauge positions around the circumference at row 1, the strain distribution 
pattern was highly distorted which was obviously due to the effect of the 
damage. On the external surface, the highest compressive strain on the shell 
surface was recorded at a position just beyond the dent comer. On the internal 
surface, tensile strains were recorded at locations I and 2 despite the 
compressive nature of the applied loading, which therefore indicated a very 
high level of bending. In turn, this leads to a very low membrane strain at the 
centre of the damage zone. 
At gauge positions around the circumference at row 2, the distribution pattern 
looks like the mirror image of that at row 1. The strains at position along the 
dent centre line were tensile and compressive on the extemal and internal 
surfaces respectively. This happened as a result of the shell panel between 
the damage and the adjacent ring stiffeners, undergoing substantial rotation. 
In other word, the undamaged stiffeners remained quite effective as boundary 
conditions that limited the extent of the more significant deformation of the 
damaged zone. This characteristic can be easily observed from the continuous 
increase of longitudinal membrane strain along the dent centre line from 
virtual zero at near the dent section to above 50% of the nominal value at near 
the end ring. 
At row 3 section, the amount of bending was reduced whilst at row 4 section, 
the strain distributions exhibit the minimum level of bending. Therefore the 
shell panel manage to carry some axial loading which will only be possible 
when the undamaged stiffener is capable of isolating this panel from the 
damaged zone. 
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From Fig. 7.40, the distribution of the membrane strains for all the gauge 
positions show some sign of strain concentration at locations 3 and 4 and 
therefore stress concentration as well. Although the magnitude is not 
particularly high, it is obviously due to the redistribution of stress as it 
disperses from the damage zone. At location 5, which appears to be 
sufficiently away from the damaged zone, the membrane strain reduced to be 
just above the nominal level. It was also this location which showed the lowest 
amount of bending among all the various strain gauged sections. 
For this pattern of strain distribution, fatigue cracking will tend to occur at 
the dent section due to the relatively high magnitude of surface strains and 
therefore cyclic stresses. The initiation of fatigue cracks will also depend on 
the residual stresses at the corresponding positions because the loading 
stresses were mostly compressive. At rows 1 and 2 where tensile strains have 
been experienced, fatigue cracking may also occur, again depending on the 
residual stress distribution and of course the amplitude of the corresponding 
tensile surface stress when the damaged shell is subjected to cyclic loading. 
After 3x 106 loading cycles no cracking was discerned and the maximum load 
level was increased to 95 kN and once more no cracking was induced even 
after 3x 106 cycles. 
An attempt was made to increase the axial loading of the shell to 110 kN but the 
shell collapsed somewhat prematurely at 103 kN. It is rather unexpected and 
the collapse strength is quite low compared to that with the corresponding 
damaged model R3 which had a greater damage and yet was capable of 
sustaining a higher level of combined loading. A photograph of the collapsed 
shell is shown in Fig. 7.41 showing no signs of fatigue cracks. The model 
buckled into a mode containing periodic inward deflections at the shell panel 
and with very little indication of any distortion in the stiffeners. 
7.5.2 Shell V8 
The loading and residual dent depth imposed on shell V8 was 5.75 mm and 
4.21mm respectively with the strain gauge layout for this model shown in 
Fig. 7.42. The gauges were 900 rosettes so that stresses can be measured during 
the combined loading test. The values of strain obtained from these gauges 
during the last increment of the denting test were shown in Figs 7.43 - 7.44. 
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The pattern of the longitudinal strains distribution was very similar to that at 
row I section of shell V7 despite the different in magnitude of damage imposed 
on the models. 
Subsequent to the denting process the shell was subjected to a constant 
pressure of 0.25 N/mm2 and additional axial compressive load. After 3x 106 
cycles of loading varying sinusoidally between 40 ± 40 kN no cracking was 
detected. At the maximum axial load level of 80 kN, strain values at positions 2 
and 4 were approaching the material yield limit. 
After 3x 106 cycles of loading no cracking was detected and the load was 
increased to 45 ± 45 kN. Again, no cracking was detected after 3x 106 cycles. 
On increasing the loading range of 0 to 100 kN the shell collapsed at about 0.78 
million cycles during the cycling test. On removing the hyperbaric chamber, 
substantial cracking was observed to have occurred in the panel between the 
bottom end ring and the adjacent stiffener. Figure 7.45 shows that the 
cracking developed at the end of the shell was very likely to be caused due to 
an axisymmetric flexing of the shell in that zone. 
7.5.3 Shell V9 
The strain gauge layout for Shell V9 is shown in Fig. 7.46. The maximum dent 
depth under loading and the corresponding residual dent depth were 7.92 mm 
and 6.47 mm respectively. The magnitude of damage imposed on this model was 
quite substantial being the highest among all the test models. The 
experimental strategy w as therefore to investigate the significant of the 
magnitude of the cyclic loading. 
The loading was a constant pressure of 0.25 N/mm2, together with cyclic 
loading. The procedure was to set the maximum intensity of the axial loading 
at a specific value and to cycle the loading for approximately 3x 106 cycles; if 
no cracking occurred the maximum intensity was increased. This occurred as 
shown below: 
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Axial Loading Number of Cycles 
20 ± 20 kN 3x 106 
25 ± 25 kN 3.35 x 106 
30 ± 30 kN 3.5 x 106 
35 ± 35 kN 3.79 x 106 
40 ± 40 kN 3.21 x 106 
After the last set of loading, the maximum intensity was increased to 85.6 kN at 
which stage the shell collapsed. Buckling of the model was quite localised and 
occurred only at area on both sides of the damage zone whilst most of the shell 
circumference outside this region remain unaffected. These inward 
deflections of the shell panel were contained between two stiffeners without 
any identifiable distortion of the stiffeners. The form of the collapsed shell is 
shown in Fig. 7.47 and there was no sign of any observable crackings on the 
model. Buckling therefore occurred when the apply loading exceeded the 
residual strength of the damage shell. 
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7.6 Discussions 
In the field of fatigue and fracture mechanics, it is generally accepted that for 
cracking to be initiated and propagated, the material at the cracked region 
must have undergone some form of tensile stress field above a particular 
amplitude known as the threshold limit. If the S-N curve approach is adopted, 
this limit represents the tensile stress range below which the structure is 
deemed to have an infinite fatigue life. The definition of this threshold limit is 
usually determined by extensive cyclic testing in order to obtained the S-N 
characteristic of the material for the fabrication of the structure. For 
structural steel used in the offshore structure, a fatigue life greater than 10 
million cycles will generally speaking represent the on-set of infinite life. 
When a fracture mechanics approach is adopted, the threshold limit of stress 
intensity factor, is the property of the material below which fatigue cracking 
will stop growing. The stress intensity factor which depends on the geometry 
of the crack and the stress range is also determined by extensive cyclic testing 
on specimens with specific initial crack profile. 
In the current investigation, it is the S-N approach which is adopted since it is 
that most widely used in the offshore industry. The fracture mechanics 
methods although it has been used in other industries, is still at its infant stage 
for fatigue integrity assessment of offshore structures. 
From the test results presented in this Chapter, it has been shown clearly that 
fatigue cracking occurred when the damaged shells were subjected to cyclic 
loading. This cracking existed either at areas around the comers of the dented 
region or near the end rings. They are both through- thickness cracks and 
propagated in the circumferential direction orthogonal to the dominant 
compressive loading direction. After initiation, there were no signs of 
propagation stoppage or crack arresting having been experienced. The 
fatigue cracks continued to grow until such a stage that the strength of the 
shell were significantly weakened. Buckling of the models would therefore 
occur, under the applied cyclic loading, such as the event which happened to 
shell V8. 
As far as the nature of the cyclic loading is concerned, either pure axial or 
combined with external pressure, the test models would generally speaking 
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have been subjected to compressive stresses if they were in a intact perfect 
condition. Again, in the field of fatigue and fracture mechanics, cracking will 
not occur if the material of the structure is subjected to a state of cyclic 
compressive stresses. The existence of fatigue cracking on the test models will 
therefore indicated that tensile stresses exist either due to the presence of the 
damage or other sources. 
For the test models involved in the current investigation, even if they are 
intact, there can be two sources of tensile stresses which may exist at least in 
some isolated locations on the model. 
The first source may be due to localised bending, that is the bulging effect, as a 
result of the axial compressive loading. This occurred at an area near the 
junctions between the shell panels and stiff boundaries such as the heavy end 
rings or the ring stiffeners employed in the test models. Tensile stresses will 
exist if the model experienced some geometrical imperfections or otherwise a 
perfect cylindrical shell will only be subjected to compressive stresses. 
Judging from the magnitude of imperfections and past experience of testing 
shells of a similar kind, it is quite unlikely that the magnitude of the surface 
tensile stress will be at a sufficient level to cause fatigue cracking. 
The second source is the residual stresses induced during the fabrication 
process of the test models. The unstiffened models and the shell assembly of 
the ring-stiffened models, were subjected to post-weld heat treatment and 
therefore were mostly stress free. The only source of residual stress is due to 
the final welding of the cylindrical can to the heavy end rings since they are 
not subjected to any stress relieving process subsequently. These stresses can 
be tensile in nature and with magnitude as high as the material yield stress. 
When the material at these areas is subjected to cyclic compressive stresses, it 
will effectively undergo a tensile stress cycle with an amplitude equal to the 
applied compressive loading range, as demonstrated in Fig. 7.48. When this 
stress range is higher than the fatigue threshold limit, fatigue cracking will 
occur. Similar examples can be readily found in submarine structures where 
fatigue cracking due to the presence of tensile residual welding stresses may 
pose serious consequences to the integrity of the pressure hull. [ref. 157). In 
fact, it is the most probable cause for the fatigue cracking experienced near 
the end rings of the test models V3, V6 and V8. 
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In addition to the above two sources of tensile stress field, damaged cylindrical 
shells may become more vulnerable to fatigue crackings due to the presence 
of extra "hot spot" stress concentrations. 
Firstly, the complicated geometry of the damaged shell around the dented 
region will lead to excessive localised bending when the model is subjected to 
external loading. Although the nature of the loading will lead to compressive 
stresses in the model in general but at the damaged zone, this may not be the 
case. As shown from the strain gauge results during the previous (i. e. collapse 
test) and the current phase (i. e. fatigue test) of experimental investigation, it 
has been demonstrated that the damaged zone carries very little axial 
compression and have undergone a substantial amount of bending. Therefore, 
at the mid-thickness of the shell panel of the damaged zone, the membrane 
stress may be very small but the surface stresses can be quite high. Of course, 
the magnitude of surface stresses will depend on the level of the combined 
loading. When the applied loading is cycling from zero to the maximum level, 
some of the surface stresses consist of tensile components and therefore may 
lead to fatigue cracking. These surface stress characteristics can be 
demonstrated by the strain gauge results of the damage ring stiffened models, 
measured during the fatigue tests. 
The second source of an additional tensile stress field for the damaged model 
may be due to the residual stresses induced during the denting test. High 
levels of tensile stress exist at the dented region as indicated by the high 
magnitude of residual tensile strains recorded at the end of the denting tests. 
When acting together with the compressive stress due to the cyclic loading, 
the critical area will experience an effective tensile stress cycle with an 
amplitude that may lead to fatigue cracking. Generally speaking, this 
phenomenon is very similar to that of the residual welding stress discussed 
above. An interesting characteristic demonstrated from the test results is that 
the maximum magnitude of the residual tensile surface strains does not 
necessary occur at the centre of the damaged zone. For some of the damaged 
models, it has been shown to occur at areas near the dent comers. 
Unfortunately, measuring the distributions and magnitude of the 
corresponding residual stresses experimentally is a very difficult task. It 
would require a destructive process making the subsequent cyclic test 
impossible. The determination of the residual stresses therefore has to rely on 
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an analytical method which will be validated by correlation with strain results 
measured during the tests. 
It may be recalled from previous paragraphs that maximum tensile stresses 
field due to localised bending also existed at areas near the dent comers. 
Together with the residual stresses due to the denting test, the damaged models 
therefore suffered from two sources of stress fields that could lead to fatigue 
cracking which is limited within a very closed region. It is these tensile stress 
fields that lead to the fatigue crackings observed at the dent comers of model 
Vl, V2, V4, V6. 
By considering the full scale cylindrical shell components employed in the 
offshore environment and assuming a wave period of say ten seconds, it means 
over a duration of one year, the structure will be subjected to about three 
million load cycles. Depending on the magnitude of damage which may have 
been experienced by the structural member and the loading involved, the 
experimental results tend to indicate that extra attention is required for 
damaged shell structures even though they may still maintain a sufficient 
margin of safety as far as ultimate static strength is concerned. 
Generally speaking, there are two suggestions which can also be deduced from 
the test observations. First, it appears that there may be a lower limit of dent 
depth such that the damage induced residual stresses and the surface stresses 
due to local bending induced by the external loading, do not reach the level 
that will cause fatigue cracking. However, it does not mean the damage shell is 
immune from fatigue cracking. The damage may amplify the bending at other 
parts of the shell circumference where other form of stress fields exist and 
therefore may also cause crackings. 
Secondly, the design of the ring-stiffeners seems to have a significant effect 
on the fatigue characteristics of the damaged stiffened shells. For the similar 
magnitude of damage and cyclic loading, T-ring stiffened shells seems to 
possess a much greater fatigue endurance than the plain ring stiffened shells. 
This may due to the smooth transition of the damage zone with the rest of the 
shell circumference. The localised bending at the dent comer will be smaller 
and as will be the surface stresses when subjected to external loading. In 
addition, the torsionally stiffer T-section remain very effective against 
tripping. Therefore, deflection of the damaged zone is amplified by the 
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external pressure to a lesser amount and again reduces the amount of bending 
when axial load is superimposed on the model. The difference in residual 
stresses induced during the damage process on these two designs of stiffened 
shells is also expected to have a significant effect. However, without a 
description of the distributions, it is premature to introduce any specific 
suggestions at this stage. A better understanding can possibly be achieved 
when the residual stress patterns have been obtained from the analytical 
study discussed in the next Chapter. 
In the current phase of experimental investigation, a quantitative assessment 
of the stress distribution that is related to the cause of fatigue cracking of the 
test models has not been achieved. Experimentally, residual stress 
measurement without causing additional damage to the test specimens is not an 
easy task. The measurement of load induced stress distribution by using a few 
number of strain gauges located at discrete positions can barely give a general 
picture of the stress field that is responsible for the initiation and propagation 
of fatigue cracks. Perhaps other experimental techniques such as the 
photo-elastic method can stand a better chance to achieve a more satisfactory 
quantifiable assessment. Nevertheless, it is not a primary objective for the 
pilot experimental study presented in this chapter to come up with some 
immediate measures that can be used for the prediction of the fatigue life of 
damaged cylindrical shells. Instead, the experimental results have 
demonstrated that cylindrical shells that have suffered from localised damage 
are particularly vulnerable from fatigue cracking when subjected to external 
cyclic loading consisting of purely axial compression or combined with 
external pressure. In turn, it will indicate that in addition to static strength 
reduction, localised damage will pose a serious threat to the fatigue integrity of 
offshore installations when the load carrying cylindrical members are prone 
to the events of collision with marine vehicles and subsequently exposed to 
cyclic loading. 
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Unstiffened Shells 
Shell 
Code 
Residual 
Dent Depth 
- 
mm) 
Hydrostatic 
Pressure 
(N/m m 2) 
Cyclic Axial 
Loading 
(kN) 
T5 - - 50±50 
v1 4.15 - 50±50 
V2 1.89 - 50±50 
V3 0.80 - 50±50 
Plain Ring Stiffened Shells 
Shell 
Code 
Residual 
Dent Depth 
(mm) 
Hydrostatic 
Pressure 
(N/mm2) 
Cyclic Axial 
Loading 
(k N) 
V4 5.90 - 38±3 8 
V5 1.87 & 3.05 0.25 18.75±18.75 
V6 3.58 0.25 35±35 
T-Ring Stiffened Shells 
Shell 
Code 
Residual 
Dent Depth 
(mm) 
- 
Hydrostatic 
Pressure 
(N/mm2) 
Cyclic Axial 
Loading 
(k N) 
V7 3.00 0.25 47.6±47.6 
V8 4.21 0.25 50±50 
v9 6.47 0.25ý 40± 
Table 7.1 Residual Dent Depth and Maximum Cyclic Loading Applied 
to Test Specimens. 
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CHAPTER 8 
ANALYTICAL INVESTIGATION ON THE FATIGUE CRACKING 
OF DAMAGED SHELLS 
8.1 1ntroduction 
In this Chapter, an analytical investigation of the stresses and strains 
distribution experienced by the test models during the denting and subsequent 
cyclic loading tests are presented. The analysis was performed using LUSAS, 
the general finite element package which was used in the analytical study 
discussed in previous Chapters 4 and 6. Compared with other methods, the 
finite element technique is more appropriate due to its flexibility of handling 
complex structural geometry and behaviour. 
For some of the test shells, correlations between experimental and analytical 
results were made. As shown in the following Sections, the correspondence of 
these results is such that it is reasonable to accept the validity of the levels of 
strains and stresses predicted by the numerical method. It is the intention to 
interrogate the results of the analysis for some shells and by comparing the 
maximum peak of the tensile stress range with the stress range necessary to 
induce cracking in the coupon specimen to arrive at some predictions of the 
likelihood of fatigue cracks forming in the test shells. The coupon specimens 
were made from material used in the fabrication of the models and the 
corresponding fatigue properties have been presented in Chapter 3. 
The tensile stress range is compounded of the residual stresses locked in the 
model after the denting test and the imposed stresses from the cyclically 
varying axial loading. It is the residual stresses pattern, which is the most 
difficult to determine experimentally and it is necessary to rely heavily on the 
analytical predictions. In addition, the analysis gives a more detail description 
of the applied loading stresses which is very valuable when used in 
conjunction with the predicted residual stresses distribution. 
It must be emphasised here that there is no attempt to arrive at an accurate 
prediction of fatigue life for the test models or for practical shells. Neither is 
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it the intention to provide formulations for the assessment of the fatigue 
integrity of damaged cylindrical structures. However, good correspondence 
between the prediction of cracking and its actual occurrence on the small 
scale models could be taken as further evidence for the value of the numerical 
analysis method used in the present study. The numerical study also served to 
provide analytical evidence for those factors primarily responsible for 
causing fatigue cracking in the test models, which have been identified 
during the experimental investigation presented in the previous Chapter. 
8.2 Finite Element Analysis Procedures 
The analysis study discussed in the following Section were performed by using 
LUSAS, the general purpose finite element package. The finite element 
meshes for the three types of test shells employed are the same as those used in 
Chapters 4 and 6, as shown in Figs 4.28 - 4.30. During the analysis, loadings 
were apply in a quasi-static manner which implies that the cycling rate is 
relatively low such that dynamic effects can be neglected. The loading 
sequence of the numerical simulation followed closely that of the test 
specimens. Damage is firstly generated at the mid-section followed by 
application of external pressure, for the combined loading cases, and then 
finally application of axial compression. 
The analysis procedure should ideally follow the deformation and stress 
history as the shell is dented and then subjected to subsequent applied loading. 
The residual stresses are therefore intrinsic to this approach. This will 
require accurate unloading simulation otherwise any unbalanced residual 
stress, due to a large equilibrium tolerance, will be magnified by the 
subsequent loading steps. The calculated effects of the applied loading stresses 
will be significantly altered. The error induced may be small if the residual 
stress level is low resulting from small damage but can be quite substantial for 
a high magnitude of dent depth. Unfortunately, as discussed in Chapter 4, this 
method is a trial and error approach and requires very considerable 
computing time. 
The alternative procedure is first to consider the deformations and stresses 
in 
the shell in a dented state and the denting load removed with the residual 
stress distributions and deformations recorded. The lattcr are used as 
input to 
the next stage of the analysis in which the deformed shell 
is assumed to be 
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stress free and then subjected to the relevant combinations of loading. The 
total state of stress in the loaded shell is obtained by summing the residual 
stresses and the stresses induced as a result of the applied load. In this 
manner, the unloading simulation of the dent test can tolerate a greater 
convergence limit with very small influence on the accuracy on the residual 
stress pattern, which therefore reduced the computing effort substantially. 
By isolating the unbalanced stresses from the subsequent loading process, the 
actual effect of the applied loading can be fully reviewed. This approach has 
an inherent assumption in that the residual stresses and the loading stresses 
are directly additive. The results obtain may be inaccurate if the behaviour of 
the structure is highly path dependent or if the numerical techniques 
employed is sensitive to the size of the loading increment. In the current 
investigation, the Total Lagrangian formulation is employed for handling the 
geometric nonlinearity of the analysis which is shown to be insensitive to the 
size of the load increment. 
Figures 8.1 to 8.2 show the results of analysis of the unstiffened model, with a 
residual dent depth of 0.96 mm, following the above two procedures 
respectively. It may be seen that the correspondence of the two approaches is 
very satisfactory and the behaviour of the damaged shell seems to be 
sufficiently insensitive to the loading path. Since the second approach 
requires much less computing effort than the first, was generally used to 
obtain numerical results reported in the following Sections. 
Finally, it has to be appreciated that even with a generous convergency limit, 
the unloading simulation of the denting test is still a very demanding exercise. 
The exact level of a specific residual dent depth is very difficult to achieve 
analytically and therefore some approximations have to be accommodated 
during the comparison between analytical and experimental results. 
Nevertheless, the correspondence of results are satisfactory as shown below 
and therefore the validity of the analysis predictions is confirmed. 
387 
8.3 Unstiffened Shells 
In this Section, the investigations for all the unstiffened shell are presented 
collectively. For this series of test model, only shell V2 was fitted with strain 
gauges and therefore only for this model can comparison with analytical 
predictions be made. Nevertheless, analysis was performed to evaluate the 
levels of residual stresses in the dented shell in its unloaded state. Results are 
shown in Figs 8.3 - 8.5 for residual dent depths of 0.96 mm, 2.60 mm and 4.60mm 
respectively. It may be seen that very significant levels of tensile stresses 
exist on the exterior surface of the shell in the region at the end of the dent. 
The magnitude of these stresses increases as the residual dent depth increases. 
It can be surmised that if compressive stresses are induced in this region as a 
result of imposed axial compressive loading, it could be possible for the shell 
skin to suffer fatigue at that zone, even though the applied loads are 
compressive. 
Figures 8.6 and 8.7 show the experimental results from the strain gauges on 
Shell V2, when subjected to an axial compressive loading of 100 kN, compared 
with the corresponding values of longitudinal strain computed using LUSAS. 
The agreement is fairly good except in the region at the edge of the dent. This 
is a feature which also occurs in other tests reported in the following Sections. 
The cause of the disparity may be due to several factors, as discussed below. 
As mentioned in the previous Section, it is analytically very difficult to obtain 
an exact match for a specific residual dent depth of the test model. For 
comparison purpose, the closest residual dent depth was used. This can lead to 
a difference with the actual dent depth of the test model. 
During the test programme, a general purpose type of strain gauge was 
employed and similarly the adhesive used to mount the instruments on the 
shell surface. These may not be flexible enough for handling large strains 
and deformations. This deficiency was much pronounced when correlations 
were carried out for the denting test. The strain value was as high as 2% and 
ideally high elongation gauges together with special types of adhesive should 
have been used. Furthermore, for some of the other test models, the strain 
gauges were attached at positions right underneath the indenter. The 
tremendous pressure together with the significant variation of curvature may 
cause damage on the substrate of the strain gauges on which the strands 
for 
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measuring the deformation are attached. When the indenter was removed, the 
instrument may have lost its capacity to recover together with the material. 
In such circumstances the measured strain gauge signals become inaccurate. 
For situations when the strain gauges were applied after the denting test, the 
significant deformation at the region around the dent comer make it rather 
difficult to apply the instrument right on the exact spot. This will also lead to 
discrepancy between the experimental results and analytical predictions of 
the strains pattern which is very peaky in nature. 
Despite of all these difficulties, for positions further away from the dent 
corners and with a lower magnitude of deformation, the correlation of strain 
results and the correspondence of distributions are very good. This therefore 
ensures confidence on the validity of the analytical predications. 
For the unstiffened models, no material tests were carried out on the 0.84 mm 
thick material in a manner similar to that which generated the fatigue 
properties for the 0.6 mm thick steel sheet. Therefore, it is not strictly possible 
to interrogate the analysis results directly. However, it is possible to get some 
measure of the efficacy of the analysis by considering that the fatigue 
threshold stress is in proportion to the material yield stress. Therefore, this 
lower limit of stress range, above which fatigue cracking would occur, for the 
0.84 mm thick material is taken to be about 180 N/mm2. As already discussed in 
Section 3.9 that this is a primitive approach which is only serves to give some 
insight of the validity of the analysis results. 
Figures 8.8 to 8.13 show the LUSAS predictions of the stress distribution for the 
three unstiffened models. The solid lines joining between the nodal points at 
where analytical results were obtained, show the residual stresses 
distributions. The chain lines represented the final total stresses distribution 
predicted for the test model evaluated by the summation of the residual stress 
and the stress magnitude induced by the apply loading. The distance between 
these two distributions represented the stress range encountered by the model 
which is the information required for the interrogation of the occurrence of 
fatigue cracking on the test shells. 
For Shell VI, the maximum amplitude of tensile cyclic stress range occurred at 
positions near the dent corner where either the residual stress or the total 
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stress patterns cross the zero stress axis. On the exterior surface, the stress 
recovered from its tensile residual stress level at zero load to become zero 
stress at maximum applied compression. On the interior surface, the stress 
varied from the zero residual level at zero load and become tensile at maximum 
load level which is induced mainly as a result of the geometric effect of the 
damage. Both of these ranges were about 180 N/mm2 and are therefore 
sufficient to cause fatigue cracking on the shell skin. 
For Shell V2, the surface stresses experienced similar variations as model Vl. 
In this case, the tensile stress ranges were about 180 N/mm2 and 140 N/mm2 
on the exterior and interior surface respectively. Therefore, it is the variation 
of residual stress due to the action of the applied cyclic compression which is 
responsible for the fatigue cracking on this shell. 
The maximum amplitude of the tensile stress range for Shell V3 was about 
120N/mm2. This is significantly lower than 180 N/mm2 that will required for 
an prediction of the occurrence of fatigue cracking. And indeed, there was a 
complete absence of cracking in the vicinity of the damage on this shell. 
8.4 Plain Ring Stiffened Shells 
For this series of test models, only Shells V5 and V6 have been considered in 
the analytical investigations. Without any strain gauge data being available 
and a different cyclic loading combination with the rest of the test models, 
Shell V4 has been excluded from the present investigation. 
8.4.1 Shell V5 
Figures 8.14 to 8.22 show the strains measured while the denting load was 
being applied to the shell and the dent depths were 2.46 mm, 3.13 mm and 
4.85mm. The experimental results have been plotted on the same figure on the 
corresponding LUSAS results. The very high values of strains recorded during 
the denting process implies that substantial yielding occurred at the dented 
zone. On removal of the denting load elastic unloading occurred as shown by 
the results presented in Figs 8.23 - 8.25. These compare the value of strains 
existing in the shell when it was dented to a residual dent depth of 1.09 mm. 
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The LUSAS results for the longitudinal residual strains at a residual dent depth 
of 1.87 mm are shown in Figs 8.26 - 8.28. Figure 8.29 shows the corresponding 
predicted residual stresses. 
Subsequently, the shell was loaded with a constant external pressure of 
0.25N/mm2 and a sinusoidally varying axial compressive load of 18.5 ± 18.5 kN. 
Figures 8.30 to 8.32 show the comparison of longitudinal stresses, membrane 
and surface, with the LUSAS results. It was suspected that one of the gauges, 
i. e. that nearest the dent, had been damaged during the denting process. 
The second fatigue test was carried out with a greater residual dent depth of 
3.05 mm and the shell was loaded in a similar manner to that previously used. 
Figures 8.33 to 8.35 show the measured values of stress and the analysis results 
corresponding to a pressure of 0.25 N/mm2 and axial load of 10 kN. The 
comparison was intentionally kept at such a low level of loading in order to 
avoid the complexity of approaching the material Yield stress. As shown in 
these figures, the correspondence of results is fairly good. 
The longitudinal stress distributions at maximum pressure state and at the 
maximum cyclic axial compression for this shell, with a residual dent depth of 
3.05 mm, are shown in Figs 8.36 - 8.37. The solid line in these two graphs 
represented the total effect of residual stresses induced during the damage 
process and the loading stress due to the external pressure of 0.25 N/mm2 
which are maintained constant during the subsequent cyclic loading test. The 
chained lines are the stress level when the cyclic axial loading was at the 
maximum compressive level which include the residual stress and the stress 
due to pressure loading. The difference between these two lines therefore 
represented the stress variation experienced by the damaged shell during the 
cyclic loading test. As shown in Figs 8.36 - 8.37, the maximum tensile stress 
variation also occurred at positions where the patterns cross the zero axis with 
amplitude of about 210 N/mM2 and 195 N/mm2 for the exterior and interior 
surfaces respectively. Hence the stress amplitude for shell V5 would appears 
to be too low to induce fatigue cracks and indeed this prediction accords well 
with the absence of observable cracking at the damage region. 
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8.4.2 Shell V6 
For this model, strain gauges were bonded to this shell after the denting 
process was completed, therefore only cyclic loading stress comparisons can 
be made. In addition, it was during the second cyclic test that fatigue cracking 
occurred on the model with the range of cyclic axial loading increased to 70kN. 
The longitudinal membrane stresses calculated from the strain gauge 
readings, measured during the additional test carried out before the second 
fatigue test, are shown in Fig. 8.38 compared to LUSAS values for various levels 
of pure axial loading. A very close correlation of the stress results have been 
obtained. 
Figures 8.39 and 8.40 show the values of longitudinal stresses on the surface of 
the shell and the corresponding membrane values for the condition of a 
pressure of 0.25 N/mM2 and an axial load of 60 kN. The correlations were not 
as good as the pure axial loading cases particularly at region near the dent 
comer. However, the correspondence of the stress distribution are acceptable 
and the analysis results underestimate the bending effect induced by the 
presence of external pressure which appears to be quite sensitive to the 
variation of the dent comer geometry. 
Figure 8.41 to 8.42 presents the results from the LUSAS programme for the 
stresses at maximum pressure and the total stresses at maximum axial load 
level, on the inner and outer surfaces of shell V6, which are showed by solid 
lines and chained lines respectively. It may be seen that the maximum ranges 
for the cyclically varying tensile stresses are zero to 3 10 N/mm2 for the 
external surface and zero to 360 N/mm2 for the internal surface. The former 
was due to the recovery of the residual stress and the later was induced as an 
effect of the geometry of the damage zone. According to Fig. 3.7 these stresses 
should result in cracks being initiated in the material and indeed this was 
observed to occur during the test. 
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8.5 T-Ring Stiffened Shells 
All the models in this series had strain gauges attached on the shell surface 
before the denting test. They were located at sections immune from the direct 
contact with the indenter bar in order to minimise the damage that will 
introduce. However, this did not seems to improve the effectiveness of the 
strain gauges at areas with high strain values as shown by the comparisons 
between the test results and analytical predictions. 
For correlation purpose, the analysis results was obtained at nodal points 3 mm 
above the dent section and the corresponding strain gauge centre line 
location was about 3.5 mm. It is believed that this slight discrepancy in result 
locations, in the axial direction, will not affect the stress pattern and the 
correspondence of results significantly. 
8.5.1 Shell V7 
In the following investigation of the strains and stresses distribution of Shell 
V7, only the results around the circumference at row 1 section have been 
considered. It was at this circumferential section, closest to the dent section, 
that the most significant stresses and strains values have been experienced. 
The strain levels on the gauges at maximum and zero load during the last load 
increment of the denting test are shown in Figs 8.43 - 8.45 compared to the 
corresponding values predicted by LUSAS. It can be seen that the agreement 
between the theoretical and experimental results is fairly good except at the 
centre of the damage zone and near the dent comer. At these positions, very 
high strain v alues were experienced during the test. 
Values of strains measured at the maximum value of loading during the fatigue 
test, i. e. 95 kN compressive and a constant hydrostatic pressure of 0.25 N/mm2' 
are shown in Figs 8.46 - 8.48 compared to the corresponding LUSAS 
predictions. It may be seen that there is also very fair agreement between the 
theoretical and analytical results. 
The LUSAS prcdictions of dic strcss distributions at maximum prcssurc and at 
maximum axial compression for the second fatigue test on this model are 
shown in Figs 8.49 - 8.50. On the exterior surface, the tensile stress range is too 
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low for inducing fatigue cracking. On the interior surface, it was as high as 
260 N/mM2 and occurred at the centre position of the damage zone. This stress 
variation will encourage a prediction for fatigue cracking to occur which does 
not agree with the experimental observations. This disparity between 
analytical prediction and experimental observation can not be fully explained. 
However, it has to be borne in mind that fatigue is intrinsically a statistical 
phenomenon and the results of a few tests can hardly be representative. 
8.5.2 Shell V8 
The maximum loading and residual dent depth for this model was 5.75 mm and 
4.21 mm respectively. The strains are compared to those predicted by LUSAS as 
shown in Figs 8.51 - 8.56. Figures 8.51 to 8.53 show the strains on the external 
and internal surfaces of the shell and the corresponding membrane strains 
respectively, at a loading dent depth of 5.24 mm. The residual values of these 
strains with a residual dent depth 3.97 mra are shown in Figs 8.54 - 8.56. As 
shown in these figures, the highest strain values occurs at an area near the 
dent corner and the patterns of distribution were quite similar to that 
experienced by Shell V7, as shown in Figs 8.43 - 8.45. It is also interesting to 
find that the different in the magnitude of residual strains between Shells V7 
and V8, with residual dent depths of 3 mm and 3.97 mm respectively, is not 
very significant. 
For a better picture of the stress distribution by avoiding the complexity of 
exceeding the material yield stress, Figs 8.57 - 8.58 show the values of stresses 
at a compressive load of 60 kN, compared with the corresponding values from 
LUSAS. Again, fairly good agreement between results have been obtained 
except at the damage zone centre Iýne position. The relatively small membrane 
stress and tremendous amount of bending experienced at the damage zone will 
indicate the load carrying capacity in this area may have been reduced 
substantially. This in turn could lead to stress concentrations at the area 
around the dent comer and therefore premature yielding of the material. 
The maximum tensile stress range is about 212 N/mm2, as shown in Figs 8.59 - 
8.60, occurred on the interior surface at the centre of the damage zone. This 
stress variation evaluated by LUSAS will tend to exclude the occurrence of 
fatigue cracks and appears to be validated by the absence of any observable 
crackings near the dented region on the shell during the cycling test. 
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Although fatigue cracking existed in the end-bay of this model, this is mainly 
due to the axisymmetric flexing of the model near the very stiff end ring in 
conjunction with the existence of high residual welding stresses. The denting 
damage only has a secondary effect on the initiation of the crackings. 
8.5.3 Shell V9 
The strain gauge results during the denting test are shown in Figs 8.61 - 8.66, 
corresponding to the loading dent depth and residual dcnt dcpth of 7.13 mm 
and 5.72 mm, respectively. Comparison with LUSAS results are also shown in 
these figures. The pattern of strain distribution was very similar to that of 
Shells V7 and V8 and of course, with a shift of the peak location according to 
the change of dent corner position. The maximum strain on the exterior 
surface at position near to the dent comer was much higher for this model for 
both the loading and residual state. The correspondence of experimental and 
analytical results were in general speaking, fairly good. 
Figures 8.67 to 8.69 show the stress values measured during the first fatigue 
test when the damage model was subjected to a constant hydrostatic pressure of 
0.25 N/mm2 and axial compression of 40 kN. The correlation of results is not so 
good as those obtained in the other tests. Nevertheless, both the experimental 
and analytical results indicated that there was a stress concentration at an 
area around the dent corner which was induced as an effect of the virtually 
zero load carrying cap acity of the damaged zone. 
The stress distributions corresponding to the maximum pressure state and at 
maximum axial compression evaluated by LUSAS for the last fatigue test, when 
the model was subjected to an axial load level of 80 kN, are shown in Figs 8.70 - 
ý8.7 1. The maximum tensile stress range was about 215 N/mm2, and occurred on 
the external surface near the dent corner. Unlike the other two T-ring 
stiffened model, this stress variation was due to the recovery of the residual 
stress when axial compression was applied on the model. On the interior 
surface, the tensile stress range was about 190 N/mm2. These stress range, 
according to Fig. 3.7, is too low for the initiation of fatigue cracks and indeed 
validated by the absence of crackings on the test model. 
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8.6 Discussions 
In this Chapter, the results of the analytical study of the stress distribution of 
damage shells have been presented. For the test models, correlations between 
experimental and analysis results have been carried out in order to assess the 
efficacy of the finite element programme and the modelling approach. 
Subsequently, the residual and total stress distributions experienced by the 
model at the maximum damage and cyclic load level were evaluated. The 
maximum tensile stress range, which is responsible for the initiation and 
propagation of fatigue cracking, were evaluated based on the analysis results. 
Together with the fatigue characteristic of the material, predictions of the 
occurrence of crackings were made. In this Section, stresses cycling in the 
compressive regime have been excluded since they are not relevant for 
causing fatigue cracks on the test shells. 
Despite all the difficulties and problems encountered, experimentally and 
analytically, the results of the investigation are very satisfactory. The 
correlation of strain results obtained from the tests and the finite element 
programme for the denting test are, generally speaking, fairly good. Thi s 
encourages confidence that the accuracy of the analytical prediction of the 
residual stresses prediction are reliable. This outcome is very important since 
the residual stresses induced during the damage process have a very 
significant role for the occurrence of fatigue cracking of the test models. 
For the unstiffened and plain-ring stiffened shells, the maximum tensile 
residual stresses exists on the exterior surface at the area near to the dent 
corner. In fact, it was shown that the magnitudes of the tensile residual stress 
are proportional to the amount of the damage inflicted on the models. 
For the T-ring stiffened shells, the tensile residual stresses on the exterior 
surface increase with increasing damage. On the interior surface, the 
increase in dent depth is the primary factor in determining the residual stress 
pattern. The level of the tensile residual stress remains quite constant but 
with the peak positions shifted from the cent re of the damage zone to near to 
the dent comer as the level of dent depth in creased. 
For the interrogation of the occurrence of fatigue cracking on the test shells, 
it is the tensile stress range rather than the magnitude, which is the most 
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relevant factor. Therefore the residual tensile stress induced during the 
denting test have to be excited by some cyclic stress field in order to generate 
sufficient amplitude for the initiation of fatigue cracks. As shown by the 
predicted stress distributions for the damaged shells, at maximum level of 
damage and cyclic loading, the maximum range of tensile stress field occurs at 
the area where the residual stress is tensile in nature and is reduced to zero or 
becomes compressive at maximum level of cyclic loading. For models VI, V2 
and V6, this occurred at positions near the dent corner and with a range 
sufficient to cause cracking. For some of the models, the maximum residual 
tensile stress occurred at the centre of the damage zone but the amplitude of 
the cyclic compressive stress at the same position was too low to induce the 
required effective tensile stress range. This was particularly the case for the 
T-ring stiffened models. 
On other areas of the damage shell circumference where the residual stress is 
compressive in nature, fatigue cracking may still be induced. This has very 
little to do with the residual stress but is mainly due to the geometric effect of 
the damage zone. At the area near the dent corner, the shell circumference 
had been highly distorted, therefore the material suffered from a very 
significant amount of bending when the damage model was subject to the 
applied cyclic loading. It is also shown by the test and analysis results that due 
to the presence of the damage, stresses redistribution took place. In the 
damaged zone, the shell circumference is incapable of carrying any axial load, 
as shown by the very low membrane stresses at mid-thickness. Therefore the 
material outside the dented region has to carry an extra amount of loading, 
which together with the localised bending at the same position generated high 
level of surface stresses. 
For the T-ring stiffened models V8 and V9, the resulting surface stresses are 
just below the fatigue threshold amplitude. Whilst, on the interior surface of 
shell V1 and on the exterior surface of shell V6, the tensile surface stress 
reached the threshold limit and therefore could also lead to fatigue cracking. 
However, it is difficult to distinguish between fatigue cracks initiated due to 
this effect from that due to the recovery of the residual tensile stresses since 
they happened to occur at areas very closed to each other. Nevertheless, 
judging from the amplitude of the stress range, it is certainly an effect that 
cannot be ignored. 
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The characteristics of the stress distributions predicted by the finite element 
programme discussed above is generally in line with the experimental 
observations. In addition, the analysis results also show that for similar levels 
of damage, the magnitudes of tensile residual stress are smaller for T-ring 
stiffened shells than for plain-ring stiffened models. On the other hand, they 
are all at a sufficient magnitude that will exceed the threshold range if they 
are cycling from the maximum stress to zero level. However, in order to 
achieve this stress range, the loading stress has to be compressive and with a 
magnitude equal to the tensile residual stress or as far as fatigue concerned 
equal to the threshold amplitude. The situation that will generate the worst 
effects occurs when there is a shift between the residual and loading stress 
patterns. This phenomenon is most obvious for model V6 as shown in Figs 8.41 
- 8.42. The maximum tensile residual stress and the maximum total stress 
occurs at different positions on the shell circumference. That is these two 
stress patterns are slightly out-of-phase. The similar characteristic is also 
experienced by models V1, V2 and V5 although the effect is not as marked as 
model V6. This slight mismatch of the stress patterns allows the tensile 
residual stress to cycle to the full amplitude as the applied compressive loading 
is varied. 
For the T-ring stiffened models, the residual and total stress distributions are 
almost completely in-phase and therefore unable to produce the required 
stress range for fatigue cracks to be initiated. 
The slight variation between the total and residual stress pattern for the 
unstiffened and plain-ring stiffened models is very likely due to the more 
abrupt change of curvature of the circumference near the dent corner. For 
the T-ring stiffened shells, the transition between the damage zone with the 
rest of the shell perimeter is smoother, which appears to produce a very 
similar pattern of stress distribution for the residual and the total stresses. 
Finally, it is worth emphasising again that fatigue is intrinsically a statistical 
phenomenon and therefore should required much more extensive testing and 
analysis investigation, in order to acquire a better understanding of a specific 
problem. However, the analytical investigation presented in this Chapter 
provides insight to the mechanisms responsible for the initiation and 
propagation of fatigue cracks around the dented region of damaged cylindrical 
shells. 
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(Residual Dent Depth = 0.96 mm) 
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Fi g. 8.2 Longitudinal Membrane Stress vs Circumferential Position. 
(Residual Dent Depth = 0.96 mm) 
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Fi g. 8.3 Longitudinal Residual Stress of Unstiffened Shell. 
(Residual Dent Depth = 0.96 mm) 
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Fi g. 8.4 Longitudinal Membrane Stress of Unstiffened Shell. 
(Residual Dent Depth = 2.60 mm) 
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Fig. 8.5 Longitudinal Residual Stress of Unstiffened Shell. 
(Residual Dent Depth = 4.60 mm) 
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Fig. 8.6 Longitudinal Strain on the Exterior Surface of Shell V2. 
(Axial Load = 100 kN) 
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Fi g. 8.7 Longitudinal Strain on the Interior Surface of Shell V2. 
(Axial Load = 100 kN) 
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Longitudinal Stress Distributions on the Interior Surface 
of Shell V1. (Residual Dent Depth = 4.15 mm) 
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Fig. 8.10 Longitudinal Stress Distributions on the Exterior Surface 
of Shell V2. (Residual Dent Depth = 1.89 mm) 
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Fig. 8.11 Longitudinal Stress Distributions on the Interior Surface 
of Shell V2. (Residual Dent Depth = 1.89 mm) 
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Fig. 8.12 Longitudinal Stress Distributions on the Exterior Surface 
of Shell V3. (Residual Dent Depth = 0.80 mm) 
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Fig. 8.13 Longitudinal Stress Distributions on the Interior Surface 
of Shell V3. (Residual Dent Depth = 0.80 mm) 
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Fig. 8.14 Longitudinal Strain Distribution on the Exterior Surface 
of Shell V5. (Loading Dent Depth = 2.46 mm) 
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Fig. 8.15 Longitudinal Strain Distribution on the Interior Surface 
of Shell V5. (Loading Dent Depth = 2.46 mm) 
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Fig. 8.16 Longitudinal Membrane Strain Distribution of Shell V5. 
(Loading Dent Depth = 2.46 mm) 
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Fig. 8.17 Longitudinal Strain Distribution on the Exterior Surface 
of Shell V5. (Loading Dent Depth = 3.13 mm) 
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Fig. 8.18 Longitudinal Strain Distribution on the Interior Surface 
of Shell V5. (Loading Dent Depth = 3.13 mm) 
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Fig. 8.19 Longitudinal Membrane Strain Distribution of Shell V5. 
(Loading Dent Depth = 3.13 mm) 
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Fig. 8.20 Longitudinal Strain Distribution on the Exterior Surface 
of Shell V5. (Loading Dent Depth = 4.85 mm) 
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Fi g. 8.2 1 Longitudinal Strain Distribution on the Interior Surface 
of Shell V5. (Loading Dent Depth = 4.85 mm) 
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Fig. 8.22 Longitudinal Membrane Strain Distribution of Shell V5. 
(Loading Dent Depth = 4.85 mm) 
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Fig. 8.23 Longitudinal Strain Distribution on the Exterior Surface 
of Shell V5. (Residual Dent Depth = 1.09 mm) 
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Fig. 8.24 Longitudinal Strain Distribution on the Interior Surface 
of Shell V5. (Residual Dent Depth = 1.09 mm) 
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Fig. 8.25 Longitudinal Membrane Strain Distribution of Shell V5. 
(Residual Dent Depth = 1.09 mm) 
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Fig. 8.26 Longitudinal Strain Distribution on the Exterior Surface 
of Shell V5. (Residual Dent Depth = 1.87 mm) 
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Fig. 8.27 Longitudinal Strain Distribution on the Interior Surface 
of Shell V5. (Residual Dent Depth = 1.87 mm) 
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Longitudinal Membrane Strain Distribution of Shell V5. 
(Residual Dent Depth = 1.87 mm) 
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Longitudinal Residual Stress Distributions of Shell V5. 
(Residual Dent Depth = 1.87 mm) 
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Longitudinal Stress Distributions on the Exterior Surface 
of Shell V5. (Residual Dent Depth = 1.87 mm) 
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Longitudinal Stress Distributions on the Interior Surface 
of Shell V5. (Residual Dent Depth = 1.87 mm) 
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Fig. 8.32 Longitudinal Membrane Stress Distributions of Shell V5. 
(Residual Dent Depth = 1.87 mm) 
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Fig. 8.33 Longitudinal Stress Distributions on the Exterior Surface 
of Shell V5. (Residual Dent Depth = 3.05 mm) 
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Fig. 8.34 Longitudinal Stress Distributions on the Interior Surface 
of Shell V5. (Residual Dent Depth = 3.05 mm) 
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Fig. 8.35 Longitudinal Membrane Stress Distributions of Shell V5. 
(Residual Dent Depth = 3.05 mm) 
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Fig. 8.36 Longitudinal Stress Distributions on the Exterior Surface 
of Shell V5. (Residual Dent Depth = 3.05 mm) 
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Fig. 8.37 Longitudinal Stress Distributions on the Interior Surface 
of Shell V5. (Residual Dent Depth = 3.05 mm) 
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Fig. 8.38 Longitudinal Membrane Stress Distributions of Shell V6 
under Pure Axial Compression. (Residual Dent Depth = 3.58 mm) 
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of Shell V6 under 
Combine Loading. (Pressure = 0.25 N/mm + Axial Load = 60 kN) 
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Longitudinal Membrane Stress Distributions of Shell V6 under 
Combine Loading. (Pressure = 0.25 N/mm2 + Axial Load = 60 kN) 
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Fig. 8.41 Longitudinal Stress Distributions on the Exterior Surface 
of Shell V6. (Residual Dent Depth = 3.58 mm) 
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Fig. 8.42 Longitudinal Stress Distributions on the Interior Surface 
of Shell V6. (Residual Dent Depth = 3.58 mm) 
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Fig. 8.43 Longitudinal Strain Distributions on the Exterior Surface 
of Shell V7 during the Denting Test. 
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Fi g. 8.44 Longitudinal Strain Distributions on the Interior Surface 
of Shell V7 during the Denting Test. 
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Fig. 8.45 Longitudinal Membrane Strain Distributions 
of Shell V7 during the Denting Test. 
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Fig. 8.46 Longitudinal Strain Distributions on the Exterior Surface 
of Shell V7. (Pressure = 0.25 N/mm2 + Axial Load = 95 kN) 
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Fig. 8.47 Longitudinal Strain Distributions on the Interior Surface 
of Shell V7. (Pressure = 0.25 N/mm2 + Axial Load = 95 kN) 
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Fig. 8.48 Longitudinal Membrane Strain Distributions 
of Shell V7. (Pressure = 0.25 N/mm2 + Axial Load = 95 kN) 
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Fig. 8.49 Longitudinal Stress Distributions on the Exterior Surface 
of Shell V7. (Residual Dent Depth = 3.0 mm) 
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Fig. 8.50 Longitudinal Stress Distributions on the Interior Surface 
of Shell V7. (Residual Dent Depth = 3.0 mm) 
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Fig. 8.51 Longitudinal Strain Distributions on the Exterior Surface 
of Shell V8. (Loading Dent Depth = 5.24 mm) 
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Fig. 8.52 Longitudinal Strain Distributions on the Interior Surface 
of Shell V8. (Loading Dent Depth = 5.24 mm) 
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Fig. 8.53 Longitudinal Membrane Strain Distributions 
of Shell V8. (Loading Dent Depth = 5.24 mm) 
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Fig. 8.54 Longitudinal Strain Distributions on the Exterior Surface 
of Shell V8. (Residual Dent Depth = 3.97 mm) 
-sooo 
U 
SON 
L/1 
-i C z 
C: l loooo 
ED 
z 
Isooo 
20000 
t 
Fig. 8.55 Longitudinal Strain Distributions on the Interior Surface 
of Shell V8. (Residual Dent Depth = 3.97 mm) 
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Fig. 8.56 Longitudinal Membrane Strain Distributions 
of Shell V8. (Residual Dent Depth = 3.97 mm) 
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Longitudinal Surface Stress Distributions 
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of Shell V8 under 
Combine Loading. (Pressure = 0.25 N/mrn + Axial Load = 60 kN) 
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Longitudinal Membrane Stress Distributions of Shell V8 under 
Combine Loading. (Pressure = 0.25 N/mm2 + Axial Load = 60 kN) 
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Fig. 8.59 Longitudinal Stress Distributions on the Exterior Surface 
of Shell V8. (Residual Dent Depth = 4.21 mm) 
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Fig. 8.60 Longitudinal Stress Distributions on the Interior Surface 
of Shell V8. (Residual Dent Depth = 4.21 mm) 
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Fig. 8.61 Longitudinal Strain Distributions on the Exterior Surface 
of Shell V9. (Loading Dent Depth = 7.13 mm) 
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Fig. 8.62 Longitudinal Strain Distributions on the Interior Surface 
of Shell V9. (Loading Dent Depth = 7.13 mm) 
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Fig. 8.63 Longitudinal membrane Strain Distributions 
of Shell V9. (Loading Dent Depth = 7.13 mm) 
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Fig. 8.64 Longitudinal Strain Distributions on the Exterior Surface 
of Shell V9. (Residual Dent Depth = 5.72 mm) 
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Fig. 8.65 Longitudinal Strain Distributions on the Interior Surface 
of Shell V9. (Residual Dent Depth = 5.72 mm) 
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Fig. 8.66 Longitudinal Membrane Strain Distributions 
of Shell V9. (Residual Dent Depth = 5.72 mm) 
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Fig. 8.67 Longitudinal Stress Distributions on the Exterior Surface 
of Shell V9. (Pressure = 0.25 N/mm2 + Axial Load = 40 kN) 
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Fig. 8.68 Longitudinal Stress Distributions on the Interior Surface 
of Shell V9. (Pressure = 0.25 N/mM2 + Axial Load = 40 kN) 
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Fig. 8.69 Longitudinal Membrane Stress Distributions 
of Shell V9. (Pressure = 0.25 N/mm2 + Axial Load = 40 kN) 
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Fig. 8.70 Longitudinal Stress Distributions on the Exterior Surface 
of Shell V9. (Residual Dent Depth = 6.47 mm) 
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CHAffER 9 
CONCLUSIONS 
9.1 General Conclusions 
The behaviour of thin-walled cylindrical shells with large deflections subject 
to localised lateral loadings, and the subsequent load carrying characteristics 
of the damaged shells has been the subject of this dissertation. 
For this purpose, experiments have been carried out on unstiffened and 
ring-stiffened shell models at about 1/20th the size of shell components 
currently used in offshore structures. Their response was also examined 
theoretically by plastic and numerical methods of analysis. 
The experimental and analytical studies were performed to give insight to the 
mechanics of the cylinders subjected to slowly applied knife edge lateral 
loading, the ultimate load carrying behaviour of the damaged shells and the 
factors mostly responsible for the cause of fatigue cracking when damaged 
shells are subjected to cyclic loading. 
9.2 Response to Lateral Denting Load 
When thin walled cylindrical shell are subjected to denting at mid-length, the 
maximum inward deflections occur at the loading position accompanied by 
small radially outward deflections immediately outside the dented region. The 
damage is highly localised and the remainder of the shell surface outside the 
damaged area is virtually unaffected. For the plain-ring stiffened shells, the 
stiffeners designed according to DnV specifications for axial compression 
loading were shown to deflect radially under the lateral load, and deformations 
spread through the stiffeners to the adjacent panels of the multi-bay cylinder. 
With similar magnitudes of damage considered, the stiffeners of the T-ring 
stiffened shells appear to be able to prevent the spread of the denting and 
confine it to within the damage affected panels. 
With this type deformation pattern observed, it is apparent that the panel of 
the cylindrical shells develop plastic membrane stretching and contraction in 
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order to resist the localised lateral loading. The effect of bending of the 
circumference only has a secondary contribution to the load-deflection 
behaviour of the shell. In this respect, the degree of restraint of the end 
boundary plays an important role in determining the magnitude of residual 
damage the shells would suffer. 
For cylinders with heavy boundary condition or when the ring-stiffeners are 
strong enough to confine the damage within the damage affected panels, there 
is an improvement in the energy absorption capability. In turn, the ability of 
ring-stiffeners to provide such restraint is determined primarily by the 
ability of the stiffener to resist the out-of-plane twisting deformation due to 
the loading process. T-shaped stiffeners, are shown to be much more robust 
against the applied lateral load than a plain-ring design with the same amount 
of bending moment capacity. Making use of the experimental observations, a 
plastic mechanism method has been developed which gives a good correlation 
with the observed relationship of residual dent depth and applied lateral 
loading for the unstiffened shells. As demonstrated in the application of this 
method for ring-stiffened cylinders, without sufficient torsional stiffness of 
the flat bar design of the ring-stiffeners to inhibit twisting, plain-ring 
stiffened shells behave similarly to their unstiffened counterparts and the 
rings offer no benefit in resisting localised lateral loading. 
Numerical analysis using the finite element method for the simulation of the 
damage process on the test models has validated the above experimental 
observations and the plastic mechanism approach. It also Provides a better 
picture of the behaviour of the damage shell including the distribution of 
residual stresses induced during the denting process. 
From the peripheral studies of this project, it was demonstrated that when 
impact occurs at positions near to heavy boundary, instead of at mid panel, a 
higher axial stress was developed, which was due to a much significant 
stretching of the shell panel. This denting required a larger loading to 
produce the same amount of damage and resulted in higher residual stresses in 
the axial direction. Nevertheless, damage at mid panel is considered to 
represent the worst damage case scenario. 
The degree of locality of the lateral loading also shown to have influence on 
the load deflection characteristics of cylindrical shell. With a point load 
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applied perpendicular to the cylinder, the impact energy is mostly absorbed 
through bending of the panel which is not very effective in resisting the 
denting load, due to the low thickness of the shell skin. 
9.3 Residual Strength of Damaged Shells 
When the unstiffened damaged cylinders were subjected to uniaxial 
compression in the longitudinal direction, the dented panel deformed in an 
antisymmetric mode of deflection. The dented region displaced radially inward 
at a somewhat accelerated rate whilst the area just outside the damaged area 
deflecting outward. The ultimate strength of the dented shells remains much 
higher than would be expected f rom normal imperfection sensitivity 
consideration, even though the dent was a large local deviation from the ideal 
geometric shape. Outside the dented area, the shell circumference buckled in 
a manner similar to its intact counterpart. The deflection the of dented region 
was therefore not sympathetic to the undamaged buckling mode of the 
cylinder. When damage occurs at position near to the area where buckling 
initiated, the inward movement of the dented region interacts with the 
outward deformation of the bulging region and a more severe reduction in 
ultimate strength for the damaged shell will result. On the other hand, with a 
smoother profile of the dented region such as that which would result from a 
point load impact, the reduction in load carrying capacity is less than that 
with a knife-edge impact. This behaviour indicates that the residual strength 
of the damaged unstiffened shell is mostly governed by the geometry of the 
dented region and its location. The damaged area carries little compressive 
load and buckling occurs with stress being carried by the region outside the 
damage zone reached its critical state. The effect of residual stresses induced 
during the damage process was shown to be rather small. For the plain 
ring-stiffened cylinders, there were no definite signs of stiffener tripping. 
The buckling behaviour is similar to that of the unstiffened shells when 
loading is predominated by axial compression and with inter-ring panel 
buckling. 
In general, a reasonable correlation of results evaluated by using the finite 
element method and from the experiments on the test models, for the ultimate 
strength of imperfect intact unstiffened and plain-ring stiffened shells, have 
been obtained. The numerical prediction of the residual strength of damaged 
shells and the deformation characteristics also agreed closely with 
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experimental observations. However, the analysis was not completely 
satisfactory in the sense that it was not capable to reproduce all the post 
buckling deformation profiles of the test shells. 
With a larger lateral pressure component, when the damaged shell was 
subjected to combined loading, a more severe reduction in load carrying 
capacity was observed. When the inward deflection of the dented region was 
in-phase with the deformation of the intact circumference, a higher 
reduction in strength resulted. The collapse of plain-ring stiffened cylinder 
was catastrophic with premature buckling of the damaged zone extended along 
the entire length of the shell. The severe reduction in strength was mainly 
due to tripping of the ring stiffeners which had been laterally distorted due to 
impact and unable to confine the buckling within the damaged panel. 
The damaged T-ring stiffened shells although experiencing similar levels of 
damage and having the same bending moment capacity of the stiffeners as the 
plain-ring stiffened shells, the reduction in buckling strength of the shell 
was not so significant. With a higher flexural rigidity of the stiffeners, the 
corresponding lateral distortion induced during impact was much smaller. 
The stiffeners remain effective to prevent tripping when the damaged model 
is subjected to combined loading and capable of retaining an inter-ring 
buckling mode. Generally speaking, the load-carrying characteristic of the 
damaged T-ring stiffened shells was similar to the unstiffened shell with a 
strong boundary condition. Collapse occurred when the intact circumference 
of the shell reached its natural buckling state. 
However, the behaviour of the damaged shells was much complex at this range 
of the combined loading spectrum. The correlation of analytical and 
experimental results showed wider scatter. The finite element predictions 
over-estimated the residual strength of damaged unstiffened shells by a 
significant margin and underestimated the premature buckling strength of 
the dented region of the damaged plain-ring stiffened cylinder. 
9.4 Fatigue Cracking of Damaged Shells 
Although residual stresses induced during the damage process were shown to 
have negligible effects on the residual strength of the dented shells, it was 
the major cause of fatigue cracking extending in the circumferential 
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direction, when the damaged shell was subjected to cyclic loading. The 
compressive stresses due to external loading, either purely axial or comb ined 
with external pressure, when acting with the residual tensile stresses can lead 
to an effectively tensile stress cycle at the critical area. Depending on the 
magnitude of the damage and the cyclic loading, fatigue cracks could be 
initiated and propagated when the corresponding s tress cycle exceeded the 
material's threshold range. 
On other areas where the residual stress was compressive in nature, fatigue 
cracking may still be induced which was due to the geometric effect of the 
damaged zone. At areas near the dent comers, the shell circumference had 
been highly distorted, therefore leading to a substantial amount of bending of 
the panel when the damaged model was subject to the cyclic loading. High 
levels of tensile surface stresses were induced and magnified by the extra 
amount of loading carried by the areas just outside the dented region, which 
could reach a level sufficient for the initiation and propagation of fatigue 
cracks. 
The magnitudes of the residual and bending stresses were mostly governed by 
the magnitude of the damage imposed on the panel of the shell. When the 
damage was small, the stress amplitude could be less than the threshold range 
such that cracking should not occur. 
With a higher magnitude of damage, the absolute magnitude of these stresses 
may be very high, but the in-phase profile of the distribution would result in 
a insufficient stress range such that fatigue cracks would not occur. The 
smoother transition between the damaged and intact circumference therefore 
allowed the T-ring stiffened shells to be more resilient to possible fatigue 
cracking than the unstiffened and plain-ring stiffened shells. 
The characteristics of the stress distributions predicted by the finite element 
method was generally in line with the experimental observations and provide 
valuable understanding to the fatigue characteristics of damaged cylindrical 
shells. 
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9.5 Recommendations for Future Work 
Several areas in which further research is desirable suggested themselves 
during the pursuit of this project. An immediate extension of the scope of this 
dissertation should be the investigation of the behaviour of cylindrical 
members during the imposition of damage with the inclusion of the 
pre-stressing effect of end load. In offshore applications, the structural 
component is always subjected to the action of loading stresses which will 
have a significant effect on the energy absorption capability during the 
occurrence of impact. At the present moment almost all the investigations 
reported by other researchers and this dissertation assume the cylindrical 
shell is stress free during the damage process. It is therefore important to 
clarify the validity of this assumption. The plastic mechanism and numerical 
model developed in this dissertation could be extended to accommodate this 
effect. 
Further investigations should involve a wider range of indentation geometry 
and orientation of the damage to the cylinder axis. These should cover a 
broader scenario that would be experience in the offshore environment. 
A more detail study on the design of stiffeners should be performed on 
ring-stiffened shells such that the stiffeners could be more efficient in 
absorbing impact energy. It is also important to ensure the damaged cylinder 
is immu ne from catastrophic gen eral failure particularly when lateral 
pressure loading is involved. A parametric study on various stiffeners 
geometry should be carried out. 
Due to the complex behaviour of the damaged shells when subjected to 
combined actions of lateral pressure and axial compression, more detail 
investigations are required. A more simple analytical or empirical 
formulation is desirable such that it can be incorporated into established 
design guidelines. 
Parametric studies of the stress concentration factors (S. C. F. ) imposed on the 
damaged shells should be carried out. This is important for the assessment of 
the fatigue integrity o f damaged shells. The finite element method appears to 
be the most effective analytical tools for this purpose. With the advance 
in 
computing technology and numerical solution routines, this additional work 
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could be achieved more economically nowadays. 
All these investigation results together with the knowledge built up from 
finished research study should be calibrated, unified and organised such that 
recommendations for the design of cylindrical components to withstand 
impact can be formulated. This investigation should also bring together 
methods for the assessment of the residual strength and integrity of damaged 
shells which is very important for decision making after the occurrence of 
ship collision with the cylindrical structure components of offshore 
installations. 
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